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Vortex control is a novel two-phase convergent-divergent nozzle restrictiveness control 
mechanism which achieves flow control by adjustable nozzle inlet vortex strength. The nozzle 
can become more restrictive with increasing inlet vortex strength. Vortex control can potentially 
provide flow control with less sacrifice of nozzle efficiency, which is important for two-phase 
ejector cooling cycle performance. It is also less vulnerable to clogging since the flow control is 
achieved without changing the flow area. 
Different nozzle flows with initially subcooled R134a were experimentally investigated. The 
effects of nozzle geometry variations and operating conditions were studied. Flow visualizations 
were performed to gain further understanding of the complex two-phase flow characteristics in 
the vicinity of the nozzle throat. A maximum mass flow rate control range of 42% has been 
obtained by vortex control, which appears to be large enough to be suitable for numerous 
technical applications. 
To understand the underlying mechanisms behind the vortex control effect, static pressure 
profiles of vortex flashing R134a flow expanded through nozzles under various conditions have 
been measured. A 1D model for the estimation of vapor qualities in the initially subcooled 
flashing nozzle flow based on the measurement results was also developed. It was found that 
after the introduction of the inlet vortex to the initially subcooled flashing nozzle flow, the 
pressure drop across the divergent part of the nozzle has been increased, which is caused by the 
increased vapor generation rate in the divergent part. The elevated nozzle throat pressure results 
in the nozzle behaving like being more restrictive. However, this is achieved without variation of 
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the physical nozzle geometry. The influence of inlet vortex on the nozzle restrictiveness and the 
nozzle pressure profile is significant when the inlet vortex is applied to flashing nozzle flow with 
single-phase liquid at the nozzle inlet. The nozzle isentropic efficiency can be significantly 
increased by applying inlet vortex, which could be beneficial to ejector performance when the 
vortex nozzle is used in ejectors. The vortex nozzle divergent part length as well as the divergent 
angle seem to be the most important geometric parameters that need to be appropriately sized in 
order to achieve satisfactory vortex control range and high nozzle isentropic efficiency. 
3D CFD simulation of vortex flashing R134a flows in convergent-divergent nozzles has been 
conducted. Good agreement was found between the simulation and experimental results. When 
there is no vortex applied, void fraction at the nozzle center remains low. Due to the much lower 
density of the vapor compared to the liquid, when vortex is applied, vapor bubbles are driven 
towards the nozzle center. The applied vortex significantly increases the interphase mass transfer 
near the nozzle outlet with more uniform interfacial area per unit volume and better utilization of 
liquid superheat at the nozzle center for evaporation. Thus, after the introduction of inlet vortex, 
more vapor is generated in the divergent part of the nozzle such that the nozzle outflow vapor 
quality is much closer to thermodynamic equilibrium. As a result, the pressure drop across the 
divergent part of the nozzle is increased due to the increased vapor generation. There is 
negligible vapor content upstream of the throat even though the pressure is already below 
saturation pressure. Flashing starts near the nozzle throat.  
Finally, the influence of vortex control on transcritical R744 ejector and cycle performance has 
been experimentally investigated. Vortex control was applied to ejectors with different geometric 
parameters. The performance of ejector and ejector cycle with vortex control was compared with 
those of the other motive flow control methods (series expansion valve control and needle 
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control). It was found that the total work recovery efficiency of ejector with vortex control can 
be better than series expansion valve control and is close to needle control. The decrease of 
suction nozzle length significantly improves the performance of ejectors with vortex control. 
Shorter motive nozzle divergent part is more favorable for ejector with vortex control in terms of 
the work recovery efficiency. The decrease of motive nozzle divergent part angle results in 
increase of ejector work recovery efficiency. Vortex control can be used to improve system 
performance by adjusting the high-side pressure of the transcritical R744 ejector cycle. Under 
off-design conditions, system capacity and COP can be improved by 11.0% and 8.1%, 
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CHAPTER 1: INTRODUCTION 
 
1.1 Structure of Dissertation 
Chapter 1 of this dissertation provides background information on expansion work recovery with 
ejectors in vapor compression cycles and existing ejector motive flow control methods, as well 
as the research motivation to develop an alternative motive flow control method: vortex flow 
control. Chapter 2 provides a literature review on two-phase ejector used as an expansion device 
in vapor compression refrigeration cycles, methods to adjust the ejector motive nozzle 
restrictiveness, as well as flashing flow and vortex flow in nozzles. Chapter 3 discusses the 
potential advantages of the new nozzle flow control method, vortex control, and the limited 
knowledge available regarding the working principles of the vortex control effect as well as the 
influence of motive inlet vortex on ejector and ejector cycle performance. The objectives and 
contributions to the field of ejector technology and nozzle flashing flow made by the research in 
this dissertation are also presented. 
Chapter 4 describes the experimental facilities and nozzle designs used to characterize the vortex 
control effect along with the experimental results. The influence of inlet vortex on the nozzle 
restrictiveness on flashing R134a flow and the influence of nozzle geometric parameters and 
operating conditions on the vortex control effect are presented.  
Chapter 5 presents the measurements of the static pressure profiles of the vortex flashing R134a 
flows in convergent-divergent nozzles under different conditions. A 1D model for the estimation 
of vapor qualities in the initially subcooled flashing nozzle flow based on the measurement 
results was developed and the estimation results are presented and discussed.  
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Chapter 6 describes 3D CFD simulation of initially subcooled vortex flashing R134a flows in 
convergent-divergent nozzles using ANSYS CFX. The simulation results were validated by 
being compared with the experimental results under various conditions and using different 
nozzle geometries. The influence of inlet vortex on flashing nozzle flow is presented and the 
vortex control effect is explained with the insights provided by the simulation. 
Chapter 7 presents the experimental investigation of the application of vortex control to ejector 
for the adjustment of motive nozzle restrictiveness. The influence of adjustable motive inlet 
vortex strength on the total work recovery efficiency of vortex ejectors using R744 as the 
working fluid is presented and compared with that of the other motive flow control methods. 
Vortex control was also implemented for transcritical R744 ejector cooling cycle performance 
optimization and the results were also compared with the other motive flow control methods. 
Finally, Chapter 8 presents a summary of the presented research, important conclusions, and 
recommended future work. 
1.2 Background and Motivation 
Vapor compression cooling cycles deviate from the Carnot refrigeration cycle in several ways, 
such as isenthalpic expansion of saturated liquid at the condenser outlet and desuperheating of 
refrigerant vapor at the compressor outlet. Therefore, COPs of vapor compression cooling cycles 
are always lower than those of a Carnot cycle under the same working conditions. Isenthalpic 
expansion imposes a two-fold penalty on cycle performance compared with isentropic expansion 
in the Carnot cycle: the cooling capacity is reduced and the compressor work is increased. 
Expansion work recovery devices such as ejectors which partially recover the kinetic energy 
released during the expansion instead of dissipating it in a throttling process are known to be 
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beneficial to cycle performance. Figure 1.1 shows the layout and pressure-specific enthalpy 
diagram of a standard two-phase ejector cooling cycle first proposed by Gay (1931). In this 
cycle, high pressure motive flow leaving the condenser (point 3) enters the ejector through the 
motive inlet. The motive flow is expanded in the motive nozzle and creates a low pressure zone 
at the nozzle outlet (point 4), which entrains the suction flow from the evaporator. The two 
streams are mixed in the mixing chamber (point 5) and kinetic energy is transferred from the 
motive flow to the suction flow. The mixed fluids leave the ejector through the diffuser (point 6). 
The fluid velocity is reduced in the diffuser which results in compression of the mixed fluids by 
converting kinetic energy back into pressure energy. Therefore, the ejector diffuser outlet 
pressure is higher than the suction flow pressure (that is, the evaporator pressure). The two-phase 
flow then gets separated in the separator. Saturated vapor enters the compressor while saturated 
liquid is slightly throttled and fed into the evaporator via a metering valve. That way, kinetic 
energy released during expansion is utilized to compress the refrigerant exiting the evaporator. 
As a result, some compressor work is saved while the cooling capacity is increased if the heat 
rejection capacity remains constant. 
   
(a)    (b) 
 
Figure 1.1: (a) Layout and (b) representative P-h diagram (subcritical cycle) of the 
standard two-phase ejector cycle. 
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In ejector vapor compression cycles, refrigerant flow control is crucial to cycle performance. 
Ejector cycle performance is sensitive to working condition changes. Different working 
conditions require different ejector geometries to achieve maximum performance. Slightly 
different geometries may result in substantially different COPs under the same conditions. It is 
desirable to introduce an adjustable feature to the ejector so that ejector cycle performance can 
be optimized under different working conditions, which could make ejector technology more 
suitable for actual applications. The ejector motive nozzle throat area (motive nozzle 
restrictiveness) is one of the key dimensions that affect ejector cycle COP. It has a direct impact 
on motive mass flow rate. Most commonly used methods to adjust the effective motive nozzle 
throat area include using an adjustable needle (Figure 1.2(a)), using an expansion valve upstream 
of or in parallel with the motive nozzle (Figure 1.2(b)), and using multiple ejectors with different 
motive nozzle throat areas in parallel (Figure 1.2(c)). However, total work recovery efficiency 
can be significantly impaired due to the introduction of adjustable needle and expansion valve 
for motive flow control, while having multiple ejectors in parallel could be too expensive for 
many applications. These provide motivation to develop alternative ejector motive flow control 
mechanism that is relatively inexpensive and can achieve flow control with less sacrifice of total 
work recovery efficiency. One potential candidate is ejector with adjustable motive inlet vortex 
for motive flow control, which was first proposed by Zhu and Elbel (2016) and will be described 










Figure 1.2: (a) Variable ejector with adjustable needle in the motive nozzle (b) ejector with 




CHAPTER 2: REVIEW OF PREVIOUS LITERATURES 
 
This chapter first reviews the relevant literatures on two-phase ejector used as an expansion 
device in vapor compression refrigeration cycles. In the second part, commonly used methods to 
adjust the ejector motive nozzle restrictiveness are also reviewed. In the final part, relevant 
literatures on flashing flow and vortex flow in nozzles are reviewed.  
2.1 Two-phase Ejector as an Expansion Device in Vapor Compression Refrigeration Cycles 
2.1.1 Alternative Vapor Compression Ejector Cycle Configurations 
In addition to the standard ejector cycle shown in Figure 1.1, there exist other vapor compression 
ejector cycle configurations such as two evaporator ejector cycle and ejector liquid recirculation 
cycle, as shown in Figure 2.1. 
 
(a)          (b)  
 
Figure 2.1: (a) Two evaporator ejector cycle (b) ejector liquid recirculation cycle. 
Brodie et al. (2012) introduced a two evaporator ejector cycle developed for vehicle cabin air 
conditioning (Figure 2.1(a)). There are two evaporators in this cycle: an up-wind evaporator and 
a down-wind evaporator. The refrigerant flow leaving the condenser is split into two streams. 
One stream enters the ejector through the motive flow inlet; another stream first gets further 
expanded in a capillary tube and flows through the down-wind evaporator before entering the 
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ejector through the suction flow inlet. The two streams mixes in the ejector and enters the up-
wind evaporator. The pressure at the up-wind evaporator outlet is increased compared to 
conventional cycles due to the pressure lift provided by the ejector as it draws refrigerant from 
the down-wind evaporator. By increasing the pressure to the compressor inlet, the compressor 
work is saved. 
Figure 2.1(b) shows an ejector liquid recirculation cycle originally patented by Phillips (1938). 
In addition to serving as an expansion device, the ejector can also act as a refrigerant pump for 
the low-pressure side of the system (Disawas and Wongwises, 2004). The evaporator is flooded 
with refrigerant and operates as in a liquid recirculation system. Experimental results of Disawas 
and Wongwises showed that the COP of the two-phase ejector refrigeration cycle using R134a 
was higher than that of the baseline cycle using expansion valve over the whole range of 
experimental conditions. The maximum improvement achieved was about 13% at low heat sink 
and heat source temperatures. Liquid recirculation can improve evaporator performance by 
sending more liquid to the evaporator than is actually evaporated so that dryout in the evaporator 
can be reduced. As a result, higher evaporation pressure and higher system COP compared to a 
direct expansion cycle can be achieved with liquid recirculation (Lawrence and Elbel, 2016).  
2.1.2 Important Ejector Performance Metrics 
Ejector performance is often quantified in terms of the suction pressure ratio and the mass 
entrainment ratio, which are defined according to Equations 2.1 and 2.2, respectively. 
Пs = Pdiff,out/Psuc,in  (2.1) 
ϕm = ṁsuc,in/ṁm,in  (2.2) 
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where Pdiff,out  and Psuc,in  are the diffuser outlet and suction inlet pressures, respectively, and 
ṁsuc,in and ṁm,in are the suction inlet and motive inlet mass flow rates. Suction pressure ratio is 
a dimensionless measure of the pressure increase that the ejector provides to the suction flow. 
Mass entrainment ratio is a dimensionless measure of the rate at which the ejector can entrain 
mass flow. 
One of the most widely accepted work recovery efficiency definitions of a two-phase ejector 
proposed by Elbel and Hrnjak (2008) is shown in Equation 2.3.  
ƞejec = ϕm ∗ (h(Pdiff,out, ssuc,in) − hsuc,in)/(hm,in − h(Pdiff,out, sm,in))  (2.3) 
where ssuc,in and hsuc,in are the suction inlet specific entropy and specific enthalpy, sm,in and 
hm,in are the motive inlet specific entropy and specific enthalpy, respectively. It is defined as the 
amount of work recovered in the ejector, assuming an isentropic compression of the suction flow 
from suction inlet to diffuser outlet pressure, divided by the theoretical maximum amount of 
work available for recovery as the motive flow expands isentropically from motive inlet to 
diffuser outlet pressure. 
2.1.3 Ejector Cycles Using Different Working Fluids 
Table 2.1 provides a summary of literatures on ejector cycles using different working fluids 
including R744 and low-pressure refrigerants such as R134a, R1234yf, and R410A. Under 
common air-conditioning and refrigeration working conditions, R744 cooling cycles are mostly 
transcritical. R744 transcritical cycles usually have larger expansion losses caused by throttling 
process than subcritical cycles. It is very beneficial to apply ejector to R744 transcritical cycles 
due to the large recovery potential. Maximum COP improvements ranging from 8% to 20% have 
been reported for R744 ejector cycles compared to baseline expansion valve cycles. Ejector 
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cooling cycles using low-pressure refrigerants can still have noticeable COP improvements 
which range from 4% to 13%. 
Table 2.1: Summary of literatures on ejector cycles using different working fluids. 
Reference Refrigerant Cycle COP improvement 
compared to baseline 
expansion valve cycle 
Experimental
/theoretical 
Ozaki et al. 
(2004) 
R744 Standard ejector 
cycle 
Maximum of 20% Experimental 
Li and Groll 
(2005) 
R744 Standard ejector 
cycle 
Maximum of 16% Theoretical 
Elbel and 
Hrnjak (2008) 
R744 Standard ejector 
cycle 




al. (2012)  
R744 Standard ejector 
cycle 




R134a Standard ejector 
cycle 
Ideal ejector: 23% 
Ejector motive and suction 
nozzle efficiencies and 
diffuser efficiency equal to 
those of typical single-











R134a Ejector liquid 
recirculation 
cycle  







R1234yf: maximum of 
12% 
R134a: maximum of 8% 
Experimental 
Hu et al. 
(2014) 
R410A Standard ejector 
cycle 
Maximum of 9.1% Experimental 
 
2.1.4 Oil Circulation Rates in Ejector Cooling Cycles 
Zhu et al. (2018) measured and discussed the oil circulation rates (OCRs) in a transcritical R744 
standard ejector cycle. Significantly higher OCR (~10%) was observed at the evaporator inlet of 
the ejector cycle than at the high pressure side, which is due to the large ratio of compressor 
mass flow rate to oil return flow rate. Evaporator OCR was increased with increasing compressor 
speed. This is because at higher compressor discharge flow rate, more oil can escape through the 
compressor internal oil separator and circulate in the cycle. Both the increases in compressor 
mass flow rate and OCR of the compressor discharge flow contribute to the increase in 
evaporator OCR. In addition to the standard ejector cycle, several alternative ejector cycles were 
theoretically analyzed to see if there is similar problem of high OCR in the evaporator. It was 
concluded that in ejector liquid recirculation cycle and multi-stage multi-ejector supermarket 
refrigeration cycle, similar high OCR problem in the evaporator may exist, while in two 
evaporator ejector cycle evaporator OCR is equal to OCR of the compressor discharge flow. 
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2.2 Ejectors with Adjustable Motive Nozzle Restrictiveness 
2.2.1 Optimization of High-side Pressure for Transcritical Systems 
For a transcritical cycle, the refrigerant at the high-side is in supercritical state for which the 
pressure and temperature are independent of each other. The sensitivity of varying high-side 
pressure with expansion devices is much higher for a transcritical cycle than a subcritical cycle. 
As the high-side pressure is increased, both cooling capacity and compressor work increase. 
Thus there will be a maximum COP at some optimum high-side pressure. In order to achieve 
maximum COP under various working conditions, the expansion device must be able to control 
and optimize high-side pressure. 
2.2.2 Ejectors with Adjustable Needle in the Motive Nozzle 
An adjustable needle (Figure 1.2(a)) can be used to change the effective motive nozzle throat 
area such that the motive nozzle restrictiveness is varied and the high-side pressure is controlled. 
Reduction in work recovery efficiency might be caused as the needle moves towards the throat 
because of the higher frictional losses resulting from the additional surface area introduced by 
the use of needle and the increased flow speed near the throat, as well as the higher level of 
thermodynamic non-equilibrium in the flashing flow.  
Elbel and Hrnjak (2008) were the first researchers to publish experimental results of introducing 
a variable two-phase ejector to a transcritical R744 system by installing a needle in the motive 
nozzle for high-side pressure control. By moving the needle towards the motive nozzle throat, 
gas cooler exit pressure has been increased from 9.70 MPa to 10.57 MPa, while cycle cooling 
capacity and COP have been increased from 4.7 kW to 5.1 kW and from 1.12 to 1.17, 
respectively. Meanwhile, ejector efficiency reduced from 0.137 (the needle was entirely retracted 
from the ejector motive nozzle throat) to 0.078 by 43.1%. Using the needle to reduce the motive 
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nozzle throat area increased the internal losses in the ejector. The benefits of high-side pressure 
control offset the losses in nozzle and ejector efficiencies due to a more favorable balance 
between evaporator capacity and compressor work.  
Hu et al. (2014) experimentally investigated the R410A ejector cooling cycle under different 
conditions with four different ejector motive nozzle throat diameters and a variable ejector with 
adjustable needle in the motive nozzle. It was shown that the ejector motive nozzle throat 
diameter has a significant impact on cycle performance and different conditions require different 
motive nozzle throat diameters. Optimal cycle performance achieved by the variable ejector 
under different conditions was close to the ejector cycle performance with the most suitable 
ejector motive nozzle throat diameter among the four.  
Smolka et al. (2016) presented a performance comparison of fixed-geometry ejectors and 
variable ejectors with adjustable needle equipped with convergent and convergent-divergent 
nozzles installed in a R744 refrigeration system by numerical simulation using a homogeneous 
equilibrium model. High efficiency over the entire range of operating conditions has been 
observed for each fixed-geometry ejector configuration. For variable ejectors with adjustable 
needle, the efficiency is higher for a reduction in the motive nozzle throat area of up to 
approximately 35%, after which the efficiency gradually decreases. It should be noted that the 
simulation results with variable ejectors were not validated with experimental results. 
2.2.3 Ejectors with Expansion Valve Upstream of the Motive Nozzle 
One of the simplest methods to achieve motive flow control is by using an expansion valve 
upstream of the motive nozzle (Figure 1.2(b)), which is called series expansion valve control in 
this dissertation. Pressure is dropped from the expansion valve inlet pressure Pexp,in to the ejector 
13 
 
motive inlet pressure Pm,in and irreversibilities are incurred during the isenthalpic expansion in 
the expansion valve as a cost of flow control. The total work recovery efficiency of ejectors with 
expansion valve upstream of the motive nozzle can be defined as shown in Equation 2.4: 
ƞexp = ϕm ∗ (h(Pdiff,out, ssuc,in) − hsuc,in)/(hexp,in − h(Pdiff,out, sexp,in))  (2.4) 
where sexp,in and hexp,in  are the expansion valve inlet specific entropy and specific enthalpy, 
respectively. It is different from ejector work recovery efficiency (Equation 2.3) in that the 
theoretical maximum amount of work available for recovery as the flow expands isentropically 
from expansion valve inlet state (instead of ejector motive inlet state) to diffuser outlet pressure 
is considered. 
Lawrence and Elbel (2019) experimentally investigated and compared two different methods 
(ejector with adjustable needle and ejector with expansion valve upstream of the motive nozzle) 
for controlling high-side pressure of transcritical R744 cycle. Both methods were found to be 
effective at controlling high-side pressure and optimizing COP, but both methods also resulted in 
significant losses caused by the control mechanism. Figure 2.2 presents the COP of the ejector 
cycles under the same conditions using an adjustable needle and a series expansion valve control. 
As high-side pressure is increased, there is a slight deviation in COP when comparing the two 
control methods, with the expansion valve controlled cycle having up to 1.5% lower COP as 
high-side pressure is increased by up to 800 kPa. However, the maximum COP, achieved by 





Figure 2.2: COP of the ejector cycles using adjustable needle and series expansion valve 
control (Lawrence and Elbel, 2019). 
 
Figure 2.3 displays the total work recovery efficiency with adjustable needle control and series 
expansion valve control. A small but noticeable difference in total work recovery efficiency 
between the two control methods can be observed. As high-side pressure increases, the 
expansion valve control yields up to 15.3% lower work recovery efficiency. This indicates that 
the loss due to the adjustable needle is slightly less than the series expansion valve. The 
differences in work recovery efficiency as well as in COP between the two control methods 






Figure 2.3: Comparison of total work recovery efficiency with adjustable needle control 
and series expansion valve control (Lawrence and Elbel, 2019). 
2.2.4 Multiple Ejectors in Parallel  
Another way to adjust the motive nozzle restrictiveness is by using multiple ejectors in parallel 
(Figure 1.2(c)), as described by Hafner et al. (2014). This method has been successfully applied 
to transcritical R744 supermarket refrigeration systems. Each ejector can have different 
geometries (such as different motive nozzle throat diameters and different mixing section 
diameters) and can be turned on or off independently by use of solenoid valves in order to 
achieve different overall motive nozzle restrictiveness under different working conditions. The 
advantage of parallel ejector arrangements is that with parallel ejectors, the overall motive nozzle 
restrictiveness can be varied without a loss in efficiency due to the control mechanism (such as 
the loss caused by the needle and the expansion valve upstream of the motive nozzle), although 
the variation of overall motive nozzle restrictiveness is not continuous. In addition, the geometry 
of the mixing sections and the suction nozzles can also be optimized for different conditions. The 
major disadvantage of parallel ejector arrangement is the relatively higher costs compared to the 
other control mechanisms due to the use of multiple ejectors and valves, which might limit its 
application to smaller systems. Moreover, the use of more than one smaller ejectors in parallel 
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instead of one larger ejector might add more wall surface area which increases the frictional 
losses. 
Banasiak et al. (2015) performed a detailed laboratory investigation of an R744 system using 
three parallel vapor ejectors and an expansion valve in parallel for high-side pressure control. It 
was observed that ejector efficiency (determined overall for the entire parallel ejector 
arrangement) generally decreased as motive and suction flow rates through the ejectors increased 
due to greater frictional losses. Up to 33% work recovery efficiency for the entire parallel ejector 
assembly has been achieved. It was also observed that the variation of compressor efficiency for 
different ejector combinations could have significant effect on cycle efficiency; this highlights 
the importance of carefully designing or choosing other components of ejector systems in 
addition to the ejector in order to maximize system efficiency. A maximum COP improvement 
of 9.8% compared to a cycle without ejectors was observed at a point where only 50% of the 
total flow rate passed though the ejectors but compressor efficiency was highest. 
Schönenberger et al. (2014) reported on a field installation of a transcritical R744 booster cycle 
with parallel ejectors (two vapor compressing ejectors and one liquid pumping ejector) in the 
region of Fribourg, Switzerland that began operation in the summer of 2013. An expansion valve 
was installed in parallel with the ejectors to allow for continuous control of high-side pressure. It 
was reported that the medium temperature evaporator temperature increased by 6 K compared to 
superheated operation due to overfeeding liquid and operating with a two-phase outlet, and the 
ejectors further lifted the compressor suction pressure by 3 K. Compared to a parallel 
compression (economizer) system without ejectors operating in the same region, the ejector 
system reduced energy consumption by 14% over a 20 week period during spring and summer. 
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2.2.5 Ejectors with Adjustable Vortex at the Motive Inlet 
Zhu and Elbel (2016) were the first to introduce an adjustable motive inlet vortex to the ejector 
for control of ejector cooling cycles (Figure 2.4). An ejector which employs the vortex control to 
adjust motive nozzle restrictiveness was called vortex ejector. The motive inlet vortex can be 
created by injecting part of the motive flow tangentially. After injection the tangential flow is 
mixed with the axial motive flow. The total mass flow rate passing through the nozzle is equal to 
the sum of mass flow rates entering through the nozzle’s axial and tangential flow inlets. The 
ejector cooling cycle using a vortex ejector is almost the same as the standard ejector cooling 
cycle. The only difference is that the flow at the condenser (or gas cooler) outlet of the vortex 
ejector cooling cycle is separated into two streams. One stream enters the vortex ejector through 
the motive flow tangential inlet and another enters through the motive flow axial inlet. In that 
way, a vortex is created at the ejector motive inlet. The ratio of mass flow rates through the two 
inlets can be adjusted by valves installed at the motive flow axial and tangential inlets, thereby 
changing the vortex strength. Zhu and Elbel’s experimental investigation on the influence of 
nozzle inlet vortex strength on initially subcooled flashing R134a flow expanded through 
convergent-divergent nozzles showed that the inlet vortex strength can change the restrictiveness 
of the two-phase convergent-divergent nozzle. The nozzle becomes more restrictive as the vortex 
strength increases. The influence of nozzle geometric parameters on the vortex nozzle control 
has been presented in Zhu and Elbel (2017) and the influence of operating conditions on the 
vortex nozzle control were presented in Zhu and Elbel (2018). This novel mechanism, when 
applied to ejector, can potentially provide flow control with less sacrifice of work recovery 
efficiency than with upstream expansion valve and internal needle. The isenthalpic expansion in 
the expansion valve-controlled ejector and the additional frictional losses near the throat in the 
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ejector with adjustable needle can be avoided. The applied vortex is also believed to reduce the 
thermodynamic non-equilibrium of the nozzle outflow, which might be beneficial to ejector 
work recovery efficiency. Vortex control is also less vulnerable to clogging since the flow 
control is achieved without changing the flow area. A variety of different expansion devices, in 
addition to ejectors, could potentially benefit from this new control mechanism, including 
actively controlled flow metering devices for superheat control in subcritical applications or 
high-side pressure control in transcritical systems. Results of the influence of motive inlet vortex 
on ejector efficiency were not yet included in the above literatures.  
 
Figure 2.4: Vortex ejector and vortex ejector cooling cycle. 
In other literatures, motive inlet vortex (swirl) has been introduced to the ejector for the purpose 
of improving ejector performance, which is different from the abovementioned purpose of 
adjusting motive nozzle restrictiveness. Moreover, only numerical studies have been found and 
the simulation results for ejector with motive inlet vortex have not been validated by 
experimental results. Park (2009) reported that the swirled motive flow can enhance the 
entrainment ratio of a vapor ejector. Jiautheen et al. (2014) focused on enhancing the 
performance of a vapor ejector using three-dimensional CFD analysis with R134a by introducing 
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swirl in the motive flow of ejector using swirl generators. It was concluded that the swirl 
increases the contact time between the motive and suction flows, resulting in better mixing, 
better transfer of momentum and enhanced entrainment performance. The entrainment ratio has 
been observed to increase by about 6% as compared to the ejector without swirl. Bodys et al. 
(2016) numerically investigated the transcritical R744 flow through ejectors with and without a 
swirl generator at the motive nozzle inlet. The swirl flow at the motive nozzle resulted in a mass 
entrainment ratio increase of up to 3%. None of these literatures mentioned the influence of the 
vortex on motive nozzle restrictiveness. 
2.3 Flashing Flow and Vortex Flow in Nozzles 
There are limited literatures about vortex flashing flow. Vortex flashing flow in nozzles (pressure 
swirl injectors) has been experimentally (Vanderwege and Hochgreb, 1998; Schmitz et al., 2002) 
and numerically investigated (Neroorkar et al., 2011). The working fluids were fuels and the 
focus of research was on the spray dynamics and atomization characteristics for combustion 
applications. The vortex strength at the nozzle inlet under each operating condition was not 
adjusted and the dependence of nozzle restrictiveness on inlet vortex strength was not reported. 
Most previous studies focused on flashing nozzle flow without vortex or vortex nozzle flow 
without phase change. 
2.3.1 Flashing Flow in Nozzles without Vortex 
Flashing flow of initially subcooled or saturated fluid through restrictions (such as the refrigerant 
flow expanded in the expansion valve of a vapor compression cooling system) has been the 
subject of many studies including experimental investigations as well as modeling approaches. 
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A set of measurements on critical flow rates and their dependence on pressure and void fraction 
distribution were performed by Reocreux (1977). They are referred to as the “Moby Dick” 
experiments. Schrock et al. (1977) experimentally investigated the flashing flow of water in 
convergent-divergent nozzles and reported pressure profiles as well as critical flow rates. Abuaf 
et al. (1981) provided data for vertical circular convergent-divergent nozzles from their 
experiments taken at the Brookhaven National Laboratory (BNL). They are known as the BNL 
experiments. The local pressures and stream void fractions were measured. A summary of other 
important experimental studies on flashing nozzle flow with their major conclusions is provided 
in Table 2.2. 
Table 2.2: Summary of important experimental studies on flashing nozzle flow. 
Reference Major conclusions 
Fauske and Min 
(1963) 
When the short tube has small length-to-diameter ratio and the pressure 
difference is small, the fluid behaves like a single-phase incompressible 
fluid, although the local pressure is well below the saturation pressure. If 
back pressure is low enough, critical flow can be seen to depend on 
length-to-diameter ratio of the short tube. 
Henry and Fauske 
(1971) 
Rapid expansion of two-phase flow is usually not in thermodynamic 
equilibrium because of the short time the flow remains in the nozzle and 
the limited rates of bubble nucleation as well as bubble growth. 
Schrock et al. 
(1977) 
The flow rates were considerably greater than predicted by isentropic-
homogeneous-equilibrium theory and below that of liquid flow. 
Zimmer et al. 
(1979) 
Flashing inception in a nozzle flow invariably occurred very close to the 
nozzle throat regardless of the degree of inlet subcooling. 
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Table 2.2 (cont.) 
Ohta et al. (1993)  The slip between the vapor and liquid along a divergent passage and the 
thermodynamic non-equilibrium at the nozzle throat were considered to 
cause a reduction in the nozzle efficiency. 
Simoes-Moreira 
and Bullard (2003) 
Fanning of flashing jets was observed when the outlet pressure was much 
lower than the liquid saturation pressure. Evaporation takes place on the 
surface of a liquid core in the form of a wave and the two-phase flow 
direction in the downstream of the evaporation wave is almost vertical to 
the flashing surface. 
 
Expressions for critical mass flow rates based on the homogeneous equilibrium model or the 
frozen model (no mass transfer) (Henry and Fauske, 1971) were developed. They have achieved 
widespread use in nuclear safety analyses due to the simplicity.  
Moody (1966) introduced the vapor to liquid velocity ratio as a variable to account for the 
velocity difference between the two phases.  
𝑉𝐿𝑉𝑅 = 𝑉𝑣/𝑉𝑙  (2.5) 
Critical flow rates were predicted by assuming that liquid and vapor are in thermodynamic 
equilibrium at any section and determining for what value of the velocity ratio the overall mass 
flow is maximized. 
To better account for the non-equilibrium vapor generation, an empirical coefficient has been 






  (2.6) 
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𝑁 = 𝐶1𝑥𝑒  (2.7) 
where 𝑥𝑒  is the thermodynamic equilibrium vapor quality and C1  is a constant. When N 
approaches 1, the model is equivalent to the homogeneous equilibrium model; when N 
approaches 0, the model is equivalent to the frozen model.  
Abuaf et al. (1983) hypothesized that the vapor development upstream of the nozzle throat was 
negligible. Critical flow rates were calculated based on single-phase flow equations and throat 
pressures taken from predicted superheat values. 
Later, relaxation models for phase change were developed based on the assumption that the rate 
of change of vapor quality is proportional (by means of some empirical coefficients) to the 
difference between the actual vapor quality and the thermodynamic equilibrium vapor quality 






  (2.8) 
More advanced CFD modeling of flashing nozzle flows which considered both thermodynamic 
non-equilibrium and relative velocity between phases have been developed in recent years, 







Table 2.3: CFD modeling of flashing nozzle flows which considered both thermodynamic 
non-equilibrium and relative velocity between phases. 
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models: constant bubble 
number density; constant 
bubble diameter for 
evaluation of the particle 




Due to the much lower nucleation energy barrier for the heterogeneous bubble nucleation 
occurring from cavities with trapped gas compared with that of homogeneous nucleation, 
heterogeneous nucleation is more commonly encountered. To account for the heterogeneous 
bubble nucleation at the nozzle wall, departure radius of a bubble, bubble nucleation frequency, 
and active nucleation site density need to be modeled. Correlations for these three variables 
based on experimental data are available in the literatures. The bubble departure radius is the 
radius of the bubble when it leaves its nucleation site. In addition to the empirical correlations, it 
was commonly derived by balancing surface tension force with forces exerted by the ambient 
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flow. The bubble nucleation frequency was also expressed as the inverse of the time needed to 
grow to the departure radius.  
One of the most commonly used nucleation models in CFD simulation by Shin and Jones (1993) 
is shown as follows: 












  (2.9) 
where K accounts for the fraction of the surface tension forces acting in opposition to the drag (K 
was taken as unity in Shin and Jones (1993)), μl is the liquid viscosity, τw is the wall shear stress, 
σ is the surface tension, Rc is the critical cavity radius, 
𝑅𝑐 = 2𝜎𝑇𝑠𝑎𝑡/𝜌𝑣ℎ𝑙𝑣(𝑇𝑙 − 𝑇𝑠𝑎𝑡) (2.10) 
ρl and ρv are the liquid and vapor densities, respectively, Tl and Tsat are the liquid and saturation 
temperature, respectively, hlv is the latent heat of vaporization.  
Bubble nucleation frequency is given as shown in Equation 2.11: 
𝐵𝑁𝐹 = 104[𝑠−1𝐾−3](𝑇𝑙 − 𝑇𝑠𝑎𝑡)
3 (2.11) 
where Tl − Tsat is the liquid superheat.  
The dimensionless active nucleation site density which is defined as Nns
∗ = 4NnsRd
2  could be 
correlated for flashing flow as shown in Equation 2.12: 
𝑁𝑛𝑠





  (2.12) 
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where Csurface is a constant dependent on the surface nucleation properties. Active nucleation 
site density increases as liquid superheat increases. 
2.3.2 Vortex Flow in Nozzles without Phase Change 
The effects of vortex/swirl on the mass flow rate of compressible flow in nozzles were 
analytically and experimentally studied. Mager (1961), Burns et al. (1969), and Gany et al. 
(2005) presented analytical solution procedures that were shown to yield very good 
approximations. Batson and Sforzini (1970) presented the internal flow characteristics and flow 
visualization. Farquhar et al. (1969) and Boerner et al. (1972) presented analytical and 
experimental studies of swirling compressible flow in nozzles. 3D CFD simulation results were 
presented by Wen et al. (2011), which showed good agreement with the previous analytical and 
experimental results (Figure 2.5). The mass flow rate decreases with the higher swirl strength. 
For the nozzle choking criteria, it was concluded that the throat velocity magnitude (not any of 
the velocity components) is choked (Mach number is unity) in a swirling flow field (Abdelhafez 
and Gupta, 2010). The application of swirl always results in a reduction in the axial Mach 
number component, thus the nozzle mass flow rate has been reduced at matched reservoir 
pressure. 
 
Figure 2.5: Effect of swirl on the mass flow through the nozzle (Wen et al., 2011). 
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For incompressible vortex flow in nozzles, one of the most commonly studied subjects was 
pressure swirl injector, which is extensively used in liquid rocket engines, gas turbine engines, 
internal combustion engines, and many other combustion applications (Kang et al., 2018). 
Commonly, a pressure swirl injector consists of tangential inlet ports, a swirl chamber, a 
converging spin chamber, and a discharge orifice (Figure 2.6). There is only single-phase liquid 
at the inlets. Due to the high liquid vortex velocity, a low pressure zone is formed along the 
centerline. When the pressure is lower than the ambient, the air at the orifice outlet can be driven 
into the pressure swirl injector and an air core could be formed. Regimes of air core include no 
air core, transition stage with a developing air core, and fully developed stable air core, as shown 
in Figure 2.7 (Amini, 2016). The liquid flow at the discharge end forms a hollow conical 
swirling film. Then the swirling film becomes unstable and breaks up into droplets. When the 
flow develops from the unstable stage without air core to the stable stage with air core, the 
discharge coefficient decreases the fastest, as shown in Figure 2.8 (Lee et al., 2010). Numerous 
studies have been conducted on swirl injectors to reveal the relationship between injector 
geometry and various flow parameters, such as discharge coefficient, spray cone angle, and 




Figure 2.6: Pressure swirl injector (Kang et al., 2018). 
 
Figure 2.7: Regimes of air core (a) no air core (b) transition stage with a developing air 





Figure 2.8: Variation of discharge coefficient with vortex strength and regimes of air core 




CHAPTER 3: OBJECTIVES OF RESEARCH  
 
Ejector with adjustable motive inlet vortex can be an attractive alternative motive flow control 
method that achieves flow control with potentially less sacrifice of total work recovery efficiency. 
It is also less vulnerable to clogging since the flow control is achieved without changing the 
cross-sectional flow area. Through the literature review, it was found that there are limited 
literatures about the influence of inlet vortex strength on the nozzle restrictiveness on flashing 
flow and the working principles of vortex control effect on flashing nozzle flow. To the best of 
the author’s knowledge, there is also no published experimental result of the application of 
variable motive inlet vortex to two-phase ejector. Therefore, the research objectives are as 
follows to cover all relevant aspects of flow fundamentals, component and system level 
performance investigations: 
1) Experimental characterization of the influence of inlet vortex on the nozzle restrictiveness on 
flashing flow; investigation of the influence of nozzle geometric parameters and operating 
conditions on the vortex control effect.  
2) Identification of the working principles of the vortex control effect through the insights 
provided by experimental measurement, flow visualization, and CFD simulation. 
3) Experimental investigation of the influence of variable motive inlet vortex on total work 
recovery efficiency of vortex ejector; comparison of the efficiency achieved by vortex control 
with those of the other motive flow control methods; implementation of vortex control for ejector 




CHAPTER 4:  VORTEX CONTROL EFFECT CHARACTERIZATION 
 
This chapter first describes the experimental facility used to characterize the vortex control effect 
on flashing nozzle flow. The influence of inlet vortex on the nozzle restrictiveness on flashing 
flow will be presented. The influence of nozzle geometric parameters and operating conditions 
on the vortex control effect will also be shown. Portions of the results presented in this chapter 
have been previously published in papers by Zhu and Elbel (2016, 2017, 2018).  
4.1 Experimental Apparatus and Procedures 
Several transparent nozzles with controllable vortex at the nozzle inlet have been designed and 
manufactured for experiments, as shown in Figure 4.1. The vortex nozzle is composed of three 
components: a T-shaped part made of brass, a sleeve and a nozzle, as shown in Figure 4.1(b), 
both made of an optically clear resin and manufactured with a Stereo Lithography Apparatus 
(SLA). 
The tee-shaped part serves as the vortex generator. The tangential inlet on the tee allows flow to 
be injected tangentially and mix with the axial flow, thus creating a vortex. The tee and the 
nozzle are joined by a conical thread and sealed by epoxy adhesive. The other conical thread on 
the nozzle is for connection with a visualization chamber. The sleeve is designed to provide a 
smooth transition between the tee part and the nozzle. The gap between the sleeve and the nozzle 
is minimized and therefore the additional disturbance introduced to the flow. The inner diameter 
of the sleeve is the same as that of the nozzle entrance. There is a tangential inlet on the sleeve. 
The tangential inlet on the tee and the tangential inlet on the sleeve are coaxial and have the same 
inner diameter. For visualization purpose, the flow needs to travel a long distance from the 
tangential inlet to the starting point of the convergent part of the nozzle. This distance is called 
32 
 
vortex decay distance, as shown in Figure 4.1(a) with the letter ‘g’. Because of the fluid viscosity 
and turbulence, vortex strength will decay over this distance. 
 
(a) 
          
(b) 
Figure 4.1: (a) Vortex nozzle composed of tee, sleeve and convergent-divergent nozzle (b) 
3D printed transparent convergent-divergent nozzle. 
Important dimensions of the tested vortex nozzles have been summarized in Table 4.1 and these 
dimensions are shown with corresponding letters in Figure 4.1(a). Nozzle throat and outlet 
diameters were measured with higher accuracy with measuring gage pins (accuracy +0 mm / -
0.005 mm; resolution to next larger pin size 0.013 mm). Other length and diameter dimensions 
were measured with a caliper having a resolution of 0.1 mm. Nozzles 1 and 2 are only different 
in vortex decay distance. Nozzles 2, 3, and 4 have different lengths of divergent part but the 
same convergent part, throat diameter and divergent angle (1.1° full divergent angle). Nozzle 4 is 
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a nozzle that has only 0.3 mm long divergent part. Nozzles 5 and 6 have longer convergent part 
(19.8 mm) than nozzles 1 to 4 (9.9 mm) but the same throat diameter and divergent angle. The 
length of divergent part of nozzle 6 (21.0 mm) is slightly more than half of nozzle 5 (40.0 mm). 
Nozzle 7 has smaller throat diameter (0.64 mm) and larger divergent angle (8.1° full divergent 
angle). 
Table 4.1: Geometric parameters of tested vortex nozzles (shown with corresponding 
letters in Figure 4.1(a)). 
Nozzle # 1 2 3 4 5 6 7 
(a) Nozzle inlet diameter (mm) 15.0 15.0 15.0 15.0 15.0 15.0 15.0 
(b) Nozzle throat diameter 
(mm) 
1.03 1.03 1.03 1.03 1.03 1.03 0.64 
(c) Nozzle outlet diameter 
(mm) 
1.77 1.77 1.07 1.03 1.77 1.41 6.31 
(d) Nozzle convergent part 
length (mm) 
9.9 9.9 9.9 9.9 19.8 19.8 19.8 
(e) Nozzle divergent part length 
(mm) 
40.0 40.0 2.1 0.3 40.0 21.0 40.0 
(f) Tangential inlet inner 
diameter (mm) 
2.0 2.0 2.0 2.0 2.0 2.0 2.0 
(g) Vortex decay distance (mm) 138.0 168.0 168.0 168.0 168.0 168.0 168.0 
 
The layout of the experimental facility for the vortex nozzle tests is shown in Figure 4.2. A 
pumped-refrigerant-loop was used for adjustment of vortex nozzle test conditions. The working 
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fluid was refrigerant R134a. A visualization chamber was built from clear PVC pipe. The 
temperature readings were all obtained from ungrounded Type-T immersion thermocouples. The 
measured temperatures are regarded as total temperatures. Absolute pressures were read by 
piezo-electric pressure transducers. Pressures and temperatures in the upstream of the axial and 
tangential inlets of the nozzle were measured. The axial inlet pressure was slightly lower than the 
tangential inlet pressure. This pressure difference was caused as a result of the refrigerant 
flowing through the tangential inlet with relatively small inner diameter (2.0 mm). The 
differences between the vortex nozzle axial inlet pressures and tangential inlet pressures were 
within 10 kPa when the tangential inlet mass flow rate is less than 13.0 g s-1. The pressure 
difference increases to 28 kPa when the tangential inlet mass flow rate is 20.5 g s-1. The axial 
inlet pressure is assumed to be the nozzle inlet pressure Pin. The pressure at the nozzle outlet Pout 
was measured as well. The temperature difference between the axial and tangential inlets was 
kept within 0.5 ºC when both tangential and axial inlets are open. In order to achieve this small 
temperature difference, test results for too small axial or tangential inlet mass flow rate are not 
available since heat losses in the tubing significantly increase the temperature difference between 
the two inlets when one of the flow rates is too small even with insulation. The axial inlet 
temperature is assumed to be the nozzle inlet temperature Tin when both inlets are open. When 
one of the inlets is fully closed, the open inlet temperature is assumed to be Tin. The total mass 
flow rate ṁtotal and the nozzle axial inlet mass flow rate ṁaxial were measured by Coriolis-type 
mass flow meters. The nozzle’s tangential inlet mass flow rate ṁtangential can be calculated by 
subtracting the nozzle axial inlet mass flow rate from the total mass flow rate. The ratio of the 
nozzle tangential inlet mass flow rate to the total mass flow rate was adjusted by two valves. The 
larger the ratio is, the larger the vortex strength is for the same total mass flow rate. In this study, 
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the vortex strength (VS) is defined for simplicity as the ratio of the nozzle tangential inlet mass 
flow rate to the total mass flow rate, which can be expressed as shown in Equation 4.1: 
𝑉𝑆 = ?̇?𝑡𝑎𝑛𝑔𝑒𝑛𝑡𝑖𝑎𝑙/?̇?𝑡𝑜𝑡𝑎𝑙 (4.1) 
Another dimensionless number that is commonly used for quantification of the strength of 
vortex/swirl is the swirl number (SN), which is defined as the ratio of the axial flux of angular 
momentum to the product of the hydraulic radius and the axial flux of the axial momentum as 
shown in Equation 4.2: 
𝑆𝑁 = (∫𝜌𝑟𝑤?⃑? ∙ 𝑑𝐴 )/(𝑅 ∫ 𝜌𝑢 ?⃑? ∙ 𝑑𝐴 ) (4.2) 
where ρ  is the fluid density, r  is the radial coordinate, u  and w  are the axial and tangential 
velocity components, R is the hydraulic radius. The swirl number can not be directly computed 
from the measurement results. It can be estimated with the help of CFD simulation based on the 




Figure 4.2: Experimental facility for investigation of the inlet vortex influence on the nozzle 
restrictiveness. 
A summary of measured and calculated property uncertainties is provided in Table 4.2. The 
measured property uncertainties (thermocouple, pressure, and mass flow rate readings) are all 
instrumental uncertainties obtained directly from the instrument specifications. The uncertainties 
of calculated properties (vortex strength and superheat/subcooling) associated with instrumental 
uncertainties of measured properties are calculated by uncertainty propagation as follows:  
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±0.5 ±2 ±0.1 ±0.01 ±0.5 
 
It should be noted that in order to use the full range of vortex control from zero vortex strength to 
maximum vortex strength, two valves were installed in the test rig at both the nozzle’s axial and 
tangential inlets. However, in actual applications, one valve should be sufficient to achieve 
nozzle restrictiveness control over a suitable range. 
Different nozzle inlet pressures were achieved by adjusting the heating water temperature and 
pump speed. The nozzle outlet pressure can be adjusted by a valve installed downstream of the 
nozzle. For all experimental results shown in this chapter, the liquid flow at the nozzle inlet was 
subcooled. The sight glass installed at the nozzle inlet and the transparent body of the nozzle 
allows for visual confirmation that no bubbles are present at the nozzle inlet, which provides 
ultimate confirmation for inlet subcooling. Videos and pictures of the two-phase flow in the 
nozzle were captured using a high-speed camera with maximum resolution 512×512. 
4.2 Results and Discussion 
The influence of inlet vortex on the nozzle restrictiveness on flashing flow is shown first in 
Section 4.2.1. The influence of vortex decay distance on the vortex control is shown in Section 
4.2.2. Then the lengths of nozzle divergent part were varied and the experimental results 
revealing the influence of lengths of nozzle divergent part on the vortex control are presented 
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and discussed in Section 4.2.3. In Section 4.2.4, the lengths of nozzle convergent part were 
varied for investigation of their influence on the vortex control. An interesting phenomenon, 
which the author named as “bi-stable nozzle flow” in this study, has been observed during the 
tests presented in this section. Detailed description of this phenomenon is provided and vortex 
control with the coexistence of “bi-stable nozzle flow” was investigated. The influence of inlet 
subcooling on the vortex control is shown and discussed in Section 4.2.5. In Section 4.2.6, vortex 
control was investigated with single-phase liquid throughout the nozzle. In Section 4.2.7, the 
influence of vortex control on refrigeration cycles is evaluated under different scenarios.  
4.2.1 Influence of Inlet Vortex on the Nozzle Restrictiveness on Initially Subcooled Flashing 
Flow 
For all the experimental results shown in this section, the liquid flow at the nozzle inlet was 
subcooled by approximately 0.5 ºC. The nozzle outlet pressures were kept below 500 kPa so that 
the two-phase flow was choked. The results were obtained with nozzle 1. 
Figure 4.3 shows the influence of the nozzle inlet vortex strength on the total mass flow rate 
through the nozzle at constant inlet conditions. When the inlet pressure and temperature were 
1034 kPa and 40 ºC, respectively, which corresponds to 0.6 ºC subcooling, by changing the inlet 
vortex strength the total mass flow rate varied from 20.2 g s-1 (when VS = 0) to 12.9 g s-1  (when 
VS = 1). These results show that nozzle restrictiveness can be changed by nozzle inlet vortex. 
The stronger the vortex is the larger the nozzle restrictiveness is, since for the same inlet 
conditions less mass flow rate can be driven through the nozzle. In this case, the mass flow rate 
can be reduced by 36% with vortex control under the same inlet and outlet conditions, which 





Figure 4.3: Influence of nozzle inlet vortex strength on the total mass flow rate through 
nozzle 1 at different constant inlet conditions (all data points for choked flow). 
Figure 4.4 displays that the nozzle inlet pressure can vary in a wide range with different inlet 
vortex strengths at constant total mass flow rates when the flow is choked. When the total mass 
flow rate was kept constant at 15.0 g s-1, the nozzle inlet pressure varied from 795 kPa to 1039 
kPa when the vortex strength was adjusted from 0.22 to 0.46 which again shows a large range of 
controllability that can be achieved with vortex control. Judging by the almost linear dependence 
of nozzle inlet pressure on vortex strength, it is reasonable to expect that the control range of the 
nozzle inlet pressure can be further broadened if the vortex strength is increased. At higher total 
mass flow rates, the required nozzle inlet pressure to achieve the same mass flow rate increases 
faster with the vortex strength. Data points for vortex strength between 0.65 and 1 are missing, 
because when the nozzle axial inlet mass flow rate is small heat losses in the tubes have 
significant cooling effect on the axial inlet flow even with insulation. In that case it is difficult to 





























Inlet 826 kPa 32 ºC
Inlet 925 kPa 36 ºC
Inlet 1034 kPa 40 ºC
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is no such problem since only the inlet conditions at the nozzle tangential inlet need to be 
controlled.  
 
Figure 4.4: Nozzle inlet pressure variations for different inlet vortex strengths at constant 
total mass flow rates (all data points for choked flow). 
4.2.2 Influence of Vortex Decay Distance 
For better visualization of the flow at the nozzle inlet, nozzles 2 to 6 have longer vortex decay 
distance (168.0 mm) than that of nozzle 1 (138.0 mm). Figure 4.5 shows a comparison of the 
influence of nozzle inlet vortex strength on the choked total mass flow rate through nozzles 1 and 
2 with different vortex decay distances at different constant inlet conditions. Both nozzles 
become more restrictive as the strength of the inlet vortex increases. For both inlet conditions, 
the choked total mass flow rates through nozzles 1 and 2 are close to each other at the same inlet 
vortex strengths. The mass flow rate through nozzle 2 is slightly higher than that of nozzle 1 at 
large vortex strengths. An increase of 30.0 mm in vortex decay length resulted in less than 3% 
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increase of choked total mass flow rate at maximum vortex strength. At the same total mass flow 
rate and tangential inlet mass flow rate, the vortex strength is the same for nozzles 1 and 2 at the 
tangential inlet. However, due to the longer vortex decay distance, the true vortex strength at the 
starting point of the convergent part of nozzle 2 is weaker than that of nozzle 1. This explains 
why nozzle 2 has slightly higher choked total mass flow rates than nozzle 1 with the same vortex 
strength at the tangential inlet, even though nozzles 1 and 2 have exactly the same convergent 
and divergent part geometries.  
 
Figure 4.5: Influence of nozzle inlet vortex strength on the choked total mass flow rate 
through the nozzles with vortex decay distance of 138.0 mm (nozzle 1) and 168.0 mm 
(nozzle 2) at different constant inlet conditions (all data points for choked flow). 
4.2.3 Influence of Nozzle Divergent Part Length 
Figure 4.6 shows a comparison of the influence of vortex nozzle outlet pressure on the total mass 


































Pin = 826 kPa Tin = 32.0 ºC (Nozzle 1)
Pin = 826 kPa Tin = 32.0 ºC (Nozzle 2)
Pin = 925 kPa Tin = 36.0 ºC (Nozzle 1)
Pin = 925 kPa Tin = 36.0 ºC (Nozzle 2)
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conditions are 𝑃𝑖𝑛 = 920 kPa, 𝑇𝑖𝑛 = 36.0 ºC (0.3 ºC subcooling). The mass flow rates through 
each nozzle with VS = 0 and 1 are shown at different nozzle outlet pressures. Ideal (friction-free) 
single-phase liquid mass flow rate through a nozzle with 1.03 mm outlet diameter and 𝑃𝑖𝑛 = 920 
kPa was calculated by Equation 4.4 and plotted in Figure 4.6. 
?̇?𝑙,𝑖𝑑𝑒𝑎𝑙 = 𝐴𝑜𝑢𝑡√2(𝑃𝑖𝑛 − 𝑃𝑜𝑢𝑡)𝜌𝑙  (4.4) 
It can be observed that when the divergent part of the nozzle is shortened to 2.1 mm, the nozzle 
is not choked even when the nozzle outlet pressure is as low as 475 kPa. With long divergent 
part (40.0 mm), the nozzle is choked when the outlet pressure is approximately 600 kPa. 
Therefore, it can be concluded that the divergent part of a convergent-divergent nozzle 
contributes to the choking of initially subcooled flashing flow. In Abuaf et al.’s (1983) approach 
to predict choked (critical) flow rates through convergent and convergent-divergent nozzles, 
knowledge of the pressure at the flashing inception point at the throat is the key. The flashing 
inception point pressure was believed to be a function of inlet conditions and nozzle convergent 
part geometry. According to the current results, for exactly the same convergent part, nozzle 1 
with 40.0 mm long divergent part has much smaller choked flow rate than nozzle 3 with 2.1 mm 
long divergent part under the same inlet conditions. This indicates that the flashing inception 
point pressure of the choked nozzle flow is not only a function of inlet conditions and nozzle 
convergent part geometry, but also affected by the divergent part. Therefore, Abuaf et al.’s 
(1983) approach may not be directly applicable to convergent-divergent nozzles. At low nozzle 
outlet pressures, more mass flow rate can be driven through nozzle 3 (2.1 mm long divergent 
part) than nozzle 1 (40.0 mm long divergent part) under the same inlet and outlet conditions. 
When the nozzle outlet pressure is close to the inlet pressure, the fluid behaves as single-phase 
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liquid throughout the nozzle and more mass flow rate can be driven through nozzle 1 than nozzle 
3 due to the larger outlet diameter of nozzle 1. The vortex control range of the nozzle 3 is smaller 
than that of nozzle 1. When the nozzle outlet pressure is approximately 480 kPa, the difference in 
mass flow rates through nozzle 3 with VS = 0 and 1 is 4.1 g s-1 (19% of maximum total mass 
flow rate at VS = 0).  The difference in choked mass flow rates through nozzle 1 with VS = 0 
and 1 is 6.0 g s-1 (32% of maximum total mass flow rate at VS = 0). The vortex control effect 
disappears as the divergent part of the nozzle is reduced to only 0.3 mm long (nozzle 4). There is 
almost no difference in the mass flow rates through nozzle 4 with VS = 0 and 1. Therefore, the 
divergent part of the nozzle is crucial in vortex control of initially subcooled flashing flow. Even 
a divergent part as short as 2.1 mm (nozzle 3) can create a significant variation of mass flow rate 
with vortex control. The total mass flow rate curves (with VS = 0 and 1) of nozzle 4 with 0.3 mm 
long divergent part overlaps with that of nozzle 3 with 2.1 mm long divergent part with VS = 0. 
These curves also overlap with the ideal single-phase liquid mass flow rate curve when the 
nozzle outlet pressure is close to the inlet pressure (higher than 800 kPa), which suggests that the 
fluid inside the nozzle behaves like single-phase liquid even though the pressure is below 
saturation pressure. When the outlet pressure is as low as 510 kPa, the mass flow rate through 
nozzle 4 with 0.3 mm long divergent part drops to 87% of the ideal single-phase liquid mass 




Figure 4.6: Influence of nozzle outlet pressure on the total mass flow rate through the 
nozzles with 0.3 mm/2.1 mm/40.0 mm long divergent parts when 𝐏𝐢𝐧 = 920 kPa, 𝐓𝐢𝐧 = 36.0 
ºC. 
Visualization results of nozzle 3 (no inlet vortex) have been shown in Figure 4.7. The 
background lighting was kept constant and the camera exposure time was set to 350 μs. From the 
visualization of initially subcooled flashing flow in the nozzle with short divergent part (2.1 mm 
long), it can be observed that when the nozzle outlet pressure is very close to the inlet pressure, 
as shown in Figure 4.7(a), the flow throughout the nozzle appears to be transparent which means 
that the flow is single-phase or bubbles are extremely small. As the outlet pressure is further 
lowered, the flow starts to become bubbly in the downstream of the nozzle throat (Figure 4.7 
(b)). Eventually, when the outlet pressure is as low as 784 kPa or lower (Figure 4.7(c), and (d)), 
the flow becomes bubbly immediately after the throat while remaining single-phase in the region 
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No vortex (Nozzle 1: 40.0 mm divergent part)
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and Elbel’s (2016) experiments with long divergent part nozzle. They all seem to agree with 
Zimmer et al. (1979) and Abuaf et al.’s (1983) experimental results with water that flashing 
inception in a nozzle flow invariably occurred very close to the nozzle throat while the fluid 
upstream remained single-phase. The pressures at the immediate upstream of the throat (before 
the flashing inception) for Figure 4.7(a), (b), (c), and (d) are estimated to be 891 kPa, 811 kPa, 
799 kPa, and 652 kPa, respectively, by Equation 4.5 assuming no frictional losses and single-
phase liquid from the nozzle inlet to the point of interest. The liquid superheat is calculated by 
subtracting the saturated temperature at the liquid pressure from the liquid temperature. The 
corresponding liquid superheats at the throat before the flashing inception are 0.5 ºC, 4.2 ºC, 4.7 
ºC, and 11.6 ºC, respectively. The small liquid superheat in Figure 4.7(a) made it possible for the 
flow to remain single-phase in the divergent part, while with liquid superheat near the throat as 
high as 11.6 ºC in Figure 4.7(d), a significant phase change was incurred near the throat. In 
previous studies by Kurschat et al. (1992) and Simoes-Moreira and Bullard (2003), fanning of 
flashing jets was observed when the outlet pressure 𝑃𝑜𝑢𝑡  was much lower than the liquid 
saturation pressure 𝑃𝑠𝑎𝑡(𝑇𝑖𝑛) (
𝑃𝑠𝑎𝑡(𝑇𝑖𝑛)
𝑃𝑜𝑢𝑡
 > 100). Evaporation takes place on the surface of a liquid 
core in the form of a wave and the two-phase flow direction in the downstream of the 
evaporation wave is almost vertical to the flashing surface. In the current study, the nozzle outlet 
pressure was not that low (
𝑃𝑠𝑎𝑡(𝑇𝑖𝑛)
𝑃𝑜𝑢𝑡
< 2) and no obvious fanning has been observed in the flow 
leaving the nozzle outlet. 
𝑃𝑡ℎ𝑟𝑜𝑎𝑡 = 𝑃𝑖𝑛 − (?̇?𝑎𝑐𝑡𝑢𝑎𝑙/𝐴𝑡ℎ𝑟𝑜𝑎𝑡)




(a)                                 (b) 
 
(c)                                 (d) 
Figure 4.7: Visualization of initially subcooled flashing flow (VS = 0) in nozzle 3 with 2.1 
mm long divergent part (a) 𝐏𝐢𝐧 = 931 kPa, 𝐓𝐢𝐧 = 35.6 ºC, 𝐏𝐨𝐮𝐭 = 892 kPa (b) 𝐏𝐢𝐧 = 929 kPa, 
𝐓𝐢𝐧 = 36.0 ºC, 𝐏𝐨𝐮𝐭 = 805 kPa (c) 𝐏𝐢𝐧 = 928 kPa, 𝐓𝐢𝐧 = 36.0 ºC, 𝐏𝐨𝐮𝐭 = 784 kPa (d) 𝐏𝐢𝐧 = 915 
kPa, 𝐓𝐢𝐧 = 35.9 ºC, 𝐏𝐨𝐮𝐭 = 568 kPa. 
In order to see the influence of divergent part length on the vortex control more clearly, a 
comparison of nozzles 2, 3, and 4 with 40.0 mm, 2.1 mm, and 0.3 mm long divergent part, 
respectively, at different inlet vortex strengths is shown in Figure 4.8. It can be concluded that 
for the same convergent part, throat diameter and divergent angle, the longer the divergent part 
is, the larger the vortex control range is. The pressures at the immediate upstream of the throat 
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before the flashing inception for nozzle 2 with VS = 0 and 1 are estimated by Equation 4.5 to be 
708 kPa and 820 kPa. The corresponding liquid superheats are 8.9 ºC and 3.8 ºC. 
 
Figure 4.8: Influence of inlet vortex strength on the total mass flow rate through the nozzle 
with 0.3 mm/2.1 mm/40.0 mm long divergent part (𝑷𝒊𝒏 = 920 kPa, 𝑻𝒊𝒏 = 36.0 ºC). 
 
4.2.4 Influence of Nozzle Convergent Part Length 
Figure 4.9 shows a comparison of the influence of nozzle inlet vortex strength on the choked 
total mass flow rate through nozzles 2, 5, and 6 at constant inlet condition Pin = 826 kPa, Tin = 
32.0 ºC (0.4 ºC subcooling). It can be observed that the choked mass flow rates through nozzles 
2, 5, and 6 at the same vortex strength are not significantly different from each other, even 
though the convergent part lengths of nozzles 5 and 6 are two times that of nozzle 2 and the 
divergent part length of nozzle 6 is half of that of nozzle 5. Fauske and Min (1963) observed 
with refrigerant R11 that the critical flow rate through tubes increases much less rapidly for 
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agree with the current observation of similar critical flow rates through nozzles 5 and 6 with 
large length-to-diameter ratios (39 and 20, respectively) if the divergent parts are approximated 
as tubes. Considering the results presented in Figure 4.8, it can be concluded that vortex control 
range increases rapidly as nozzle divergent part length increases only when the divergent part is 
short. As shown by the comparison of test results from nozzles 5 and 6, further increase of large 
divergent part length from 21.0 mm to 40.0 mm does not significantly increase nozzle vortex 
control range. 
 
Figure 4.9: Influence of inlet vortex strength on the choked total mass flow rate through 
nozzles 2, 5, and 6 at constant inlet condition 𝐏𝐢𝐧 = 826 kPa, 𝐓𝐢𝐧 = 32.0 ºC. 
An interesting phenomenon, which the author named as “bi-stable nozzle flow” in this study, has 
been observed during the tests with nozzles 5 and 6. A bi-stable nozzle flow is defined such that 
under the same nozzle inlet conditions (pressure, temperature, and vortex strength) and outlet 
pressure, two different mass flow rates through the nozzle can be observed at steady-state. 
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experiments with saturated or subcooled water through short tubes, but has never been reported 
for refrigerants through convergent-divergent nozzles.  
Figure 4.10 shows the influence of nozzle inlet pressure on the choked mass flow rates through 
nozzles 1, 5, and 6 when inlet subcooling is approximately 0.5 ºC and VS = 0. For nozzle 1, 
choked mass flow rate through the nozzle varies almost linearly with inlet pressure in the 
pressure range shown in Figure 4.10. For nozzle 6, when the inlet conditions are 𝑃𝑖𝑛 = 925 kPa, 
𝑇𝑖𝑛 = 36.0 ºC, and the outlet pressure is about 580 kPa, two mass flow rates, 20.3 g s
-1 and 18.5 g 
s-1, through the nozzle at steady-state have been achieved. This is the “bi-stable nozzle flow” 
mentioned above. Bi-stable nozzle flow has been observed when the nozzle inlet pressure is near 
925 kPa for both nozzles 5 and 6. No bi-stable phenomenon was observed when nozzles 1 to 4 
are tested whose convergent part lengths are half of nozzles 5 and 6. The lower branches of the 
choked mass flow rate curves of nozzles 5 and 6 in Figure 4.10 are close to the choked mass flow 
rate curve of nozzle 1, while the upper branches of nozzles 5 and 6 overlap with each other and 




Figure 4.10: Influence of nozzle inlet pressure on the choked mass flow rates through 
nozzles 1, 5, and 6 (0.5 ºC inlet subcooling; VS = 0). 
Figure 4.11 displays the influence of nozzle outlet pressure on the mass flow rate through 
nozzles 1, 5, and 6 when VS = 0. When the nozzle outlet pressure is lower than a threshold point 
where 𝑃𝑜𝑢𝑡 = 654 kPa, the mass flow rate curve of nozzle 6 breaks into two branches (bi-stable 
nozzle flow). The mass flow rate curve segments I and II of nozzle 6 coincide with the mass flow 
rate curve of nozzle 1. The segment III mass flow rate increases rapidly as outlet pressure 
decreases near the threshold point 𝑃𝑜𝑢𝑡 = 654 kPa and reaches choking at low outlet pressure. 
Similar phenomenon was also observed with nozzle 5, as shown in Figure 4.11, but has not been 
observed during the tests with nozzle 1. For nozzle 5, the threshold outlet pressure below which 
two branches of mass flow rate curve are observed (also where the mass flow rate curve of 
nozzle 5 starts to deviate from that of nozzle 1) is near 683 kPa. This value is slightly higher than 
that of nozzle 6. Starting from segment I, when the outlet pressure reaches the branching 
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threshold value and keeps decreasing, it appears to be random whether segment II or III will be 
picked. Sudden transitions between segment II and segment III have also been observed without 
any change made to the test conditions. 
 
Figure 4.11: Influence of nozzle outlet pressure on the mass flow rate through nozzles 1, 5, 
and 6 at constant inlet conditions 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ºC when VS = 0. 
As mentioned, Zaloudek (1963) observed a similar phenomenon, which was called “two-step-
critical behavior”, during the experiments with short tubes using water as working fluid. The 
inlet conditions of the short tube remained constant. As the back pressure decreased, mass flow 
rate through the tube increased until “first-step-critical” was obtained at point (b) in Figure 4.12. 
From point (b) to point (c) there was no flow rate increase as back pressure decreased. Further 
decrease in the downstream pressure was accompanied by increased flow rates and was 
represented by line (cd) until “second-step-critical” was reached at point (d). These phenomena 
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are similar to the deviation of segment III from the segments I and II in Figure 4.11, although 
only one mass flow rate was observed for each pressure difference. 
 
Figure 4.12: Flow characteristics of a short tube (Zaloudek, 1963). 
In order to achieve more insights into the above phenomenon, nozzle 7 with large divergent 
angle (8.1° full divergent angle) has been tested and the two-phase flow through nozzle 7 was 
visualized with constant background lighting and camera exposure time. Figure 4.13 displays the 
influence of nozzle outlet pressure on the mass flow rate and flow regime of nozzle 7 at constant 
inlet conditions 𝑃𝑖𝑛 = 1035 kPa, 𝑇𝑖𝑛 = 39.8 ºC when VS = 0. The steepness of the mass flow rate 
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curve is observed to decrease with decreasing outlet pressure at high nozzle outlet pressure and 
increase again at low nozzle outlet pressure, which is similar to the phenomena observed at the 
intersection of segments I and III of Figure 4.11 and lines (bc) and (cd) in Figure 4.12. Through 
the nozzle flow visualization, it was discovered that the increase of mass flow rate curve 
steepness with decreasing outlet pressure is related to the detachment of the two-phase stream 
from the nozzle wall. Subfigures (a) to (f) in Figure 4.13 correspond to different nozzle outlet 
pressures: (a) 678 kPa, (b) 712 kPa, (c) 737 kPa, (d) 754 kPa, (e) 852 kPa, (f) 563 kPa. For low 
nozzle outlet pressures (higher flow speed), the two-phase flow in the nozzle is detached from 
the wall (Subfigure (a), (b), (f)). Subfigure (c) represents the transition of the two-phase flow 
from detaching to attaching to the nozzle wall. When the outlet pressure is higher than 754 kPa, 
the two-phase flow stays attached to the nozzle wall. The outlet pressure at which the mass flow 
rate steepness stops decreasing and starts to increase with decreasing outlet pressure seems to 
match with the outlet pressure at which the two-phase flow in the nozzle starts to detach from the 
nozzle wall. Therefore, it is believed that the detachment of two-phase flow from the nozzle wall 
is related to the increase of mass flow rate curve steepness with decreasing outlet pressure. This 
also explains how “bi-stable nozzle flow” can be achieved with nozzles 5 and 6. When the 
nozzle inlet pressure is near 925 kPa, the two-phase flow inside the nozzle can possibly be either 
attached to or detached from the wall for nozzles 5 and 6 at low outlet pressures. For nozzle 1, 
the two-phase flow is always attached to the wall. Thus, when the two-phase flow in nozzles 5 
and 6 is attached to the wall, the mass flow rate curves (segments I and II in Figure 4.11; lower 
branch in Figure 4.10) of nozzles 5 and 6 overlaps with that of nozzle 1. The change of nozzle 
convergent part length does not affect nozzle restrictiveness. When the detachment takes place, 
mass flow rates through nozzles 5 and 6 are higher than nozzle 1 under the same conditions. This 
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is related to the deviation of segment III from segment II in Figure 4.11 and the difference 
between upper branch and lower branch in Figure 4.10. For most conditions, there is only one 
possibility for the two-phase flow in terms of attachment and detachment. This is why only one 
mass flow rate can be observed under each condition except near 𝑃𝑖𝑛 = 925 kPa in Figure 4.10. 
Similarly, in Figure 4.12 for each of the three inlet conditions, only one mass flux has been 
observed for each pressure difference. 
 
Figure 4.13: Influence of nozzle outlet pressure on the mass flow rate and flow regime of 
nozzle 7 at constant inlet conditions 𝐏𝐢𝐧 = 1035 kPa, 𝐓𝐢𝐧 = 39.8 ºC when VS = 0. 
In the following part of this section, vortex control is investigated with the coexistence of “bi-
stable nozzle flow”. 
Figure 4.14(a) shows a comparison of the influence of nozzle inlet vortex strength on the choked 
total mass flow rate through nozzles 2, 5, and 6 at constant inlet condition 𝑃𝑖𝑛 = 925 kPa, 𝑇𝑖𝑛 = 
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36.0 ºC (0.5 ºC inlet subcooling), while Figure 4.14(b) displays a comparison of nozzles 1, 5, and 
6 at constant inlet condition 𝑃𝑖𝑛 = 1030 kPa, 𝑇𝑖𝑛 = 40.0 ºC (0.5 ºC inlet subcooling). In Figure 
4.14(b), a sudden jump of mass flow rate can be observed with nozzles 5 and 6 when the vortex 
strength is approximately 0.2. At vortex strengths larger than 0.2, the choked total mass flow 
rates through nozzles 1, 5, and 6 are approximately the same. Similarly, in Figure 4.14(a), at 
vortex strengths larger than 0.2, the choked total mass flow rates through nozzles 2, 5, and 6 are 
not significantly different from each other. At zero or small vortex strengths, upper branches of 
the mass flow rate curves of nozzles 5 and 6 are generally higher than nozzle 1 or 2 by 1.0 to 2.0 
g s-1. These phenomena can also be explained by two-phase flow wall attachment and 
detachment. At zero or small vortex strengths, the two-phase flow can be detached from the 
nozzle wall when the flow speed is high enough, as mentioned before. However at large vortex 
strengths, due to the tangential velocity component, the flow is forced to be attached to the 
nozzle wall. The sudden jump of mass flow rate with nozzles 5 and 6 in Figure 4.14(b) when the 
vortex strength is approximately 0.2 corresponds to the sudden change of two-phase flow in the 
nozzle from detachment to attachment forced by the vortex. When the two-phase flow stays 
attached to the wall, the change of nozzle convergent part length and further increase of large 
divergent part length from 21.0 mm to 40.0 mm does not significantly change nozzle 
restrictiveness as well as nozzle vortex control range, which also agrees with the observations in 
Figure 4.9. At constant inlet condition 𝑃𝑖𝑛 = 1030 kPa, 𝑇𝑖𝑛 = 40.0 ºC, the differences in choked 
total mass flow rates through nozzles 5 and 6 with VS = 0 and 1 are 9.3 g s-1 and 8.5 g s-1, 
respectively, which are 42% and 39% of maximum choked total mass flow rates at VS = 0. They 
are larger than the control range of nozzle 1 (36% of maximum choked total mass flow rate) 







Figure 4.14: Influence of inlet vortex strength on the choked total mass flow rate (a) 
through nozzles 2, 5, and 6 at constant inlet condition 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ºC (b) 
through nozzles 1, 5, and 6 at constant inlet condition 𝐏𝐢𝐧 = 1030 kPa, 𝐓𝐢𝐧 = 40.0 ºC. 
57 
 
Figure 4.15 displays the visualization of initially subcooled flashing flow (approximately 0.5 ºC 
subcooling) in nozzle 5 with VS = 1. Similar visualization results have been obtained with 
nozzles 1, 2, and 6 with long divergent parts. The fluid remained single-phase in the upstream of 
the throat. A liquid cone can be observed in the divergent part of the nozzle near the throat, 
which is brighter in the picture than the nozzle flow in the downstream. Flashing in the divergent 
part seems to be delayed. This can be explained by the reduced liquid superheat at the throat due 
to the introduction of vortex and the increased pressure drop in the divergent part. With reduced 
liquid superheat, initial vapor generation rate at the throat is suppressed. 
 
(a)              (b) 
Figure 4.15: Visualization of initially subcooled flashing flow (maximum inlet vortex) in 
nozzle 5 with inlet conditions 𝐏𝐢𝐧 = 926 kPa and 𝐓𝐢𝐧 = 36.1 ºC, and outlet pressure 𝐏𝐨𝐮𝐭 = 
503 kPa (a) original picture (b) liquid cone near the throat (after zoom in). 
4.2.5 Influence of Inlet Subcooling 
Figure 4.16 shows the influence of inlet subcooling on the choked total mass flow rate through 
nozzles 5 and 6 at different constant inlet temperatures (32.0 ºC, 36.0 ºC, and 40.0 ºC) with VS = 
0 and 1. At constant inlet temperatures, the choked total mass flow rate through the nozzles 
increases as inlet subcooling increases due to the rise of inlet pressure. The increasing rate of 
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mass flow rate for increasing subcooling at different inlet temperatures with VS = 0 and 1 for 
both nozzles 5 and 6 is similar, which is approximately 0.96 g s-1 per degree of subcooling. The 
difference in mass flow rates through nozzle 5 with VS = 0 and 1 remains almost constant as 
inlet subcooling increases in the current test range shown in Figure 4.16. However, the relative 
vortex control range is reduced with increasing inlet subcooling due to the increase in mass flow 
rate. For example when the inlet temperature is 32 ºC, at 0.4 ºC inlet subcooling the relative 
vortex control range for nozzle 5 is 24% of maximum total mass flow rate at VS = 0, while at 4.8 
ºC inlet subcooling the relative vortex control range for nozzle 5 reduces to 19%. The difference 
in mass flow rates through nozzle 5 with VS = 0 and 1 remains constant at 3.9 g s-1 as inlet 
subcooling increases from 0.4 ºC to 4.8 ºC. 
 
Figure 4.16: Influence of inlet subcooling on the choked total mass flow rate through 





































Tin = 32.0 °C no vortex (Nozzle 5)
Tin = 32.0 °C max vortex (Nozzle 5)
Tin = 36.0 °C no vortex (Nozzle 5)
Tin = 36.0 °C max vortex (Nozzle 5)
Tin = 40.0 °C no vortex (Nozzle 5)
Tin = 40.0 °C max vortex (Nozzle 5)
Tin = 32.0 °C no vortex (Nozzle 6)
Tin = 32.0 °C max vortex (Nozzle 6)
Tin = 36.0 °C no vortex (Nozzle 6)
Tin = 36.0 °C max vortex (Nozzle 6)
Tin = 40.0 °C no vortex (Nozzle 6)
Tin = 40.0 °C max vortex (Nozzle 6)
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4.2.6 Influence of Vortex Control on Single-phase Liquid  
Figure 4.17 shows the influence of nozzle inlet and outlet pressure difference on the total mass 
flow rate through nozzle 6 with VS = 0 and 1 when there is only single-phase liquid throughout 
the nozzle. The liquid temperature was 36.0 ºC. The nozzle inlet and outlet pressures were both 
higher than 940 kPa so that the fluid remained subcooled liquid even at the nozzle outlet. This 
can be viewed as the extreme case of inlet subcooling variation in Section 4.2.5. The difference 
in mass flow rates through nozzle 6 under the same pressure difference with VS = 0 and 1 is not 
higher than 1.5 g s-1 in the test range shown in Figure 4.17 with single-phase liquid throughout 
the nozzle. This is much smaller than the vortex-induced mass flow rate difference presented in 
the previous sections when there is two-phase in the nozzle. For nozzle 6, the discharge 
coefficient 𝐶𝑑, given by Equation 4.6, when VS = 0 is estimated to be 0.68. Note that the nozzle 
outlet area is used for the calculation of 𝐶𝑑 instead of the throat area, as the throat pressure is 
unknown in the current experimental setup. The relatively low value of 𝐶𝑑 of nozzle 6 is mainly 
due to the frictional losses in the divergent part whose diameter is small (between 1.03 and 1.41 
mm), considering that 𝐶𝑑 of nozzle 4 with 0.3 mm divergent part and 0.3 ºC inlet subcooling is 
higher than 0.87. The discharge coefficient 𝐶𝑑 of nozzle 6 when VS = 1 is estimated to be 0.65, 
which is only slightly smaller than 𝐶𝑑  with VS = 0. In the case of the earlier air-water 
experiments by Ma (2001) and Amini (2016), there was a vortex strength threshold above which 
the vortex flow is strong enough to create the zone of low pressure near the axis and form an air 
core. Control of nozzle discharge coefficient is achieved by variation of air core diameter. 
However, in the current study, no vapor core is formed inside the nozzle. Therefore, vortex 
control does not work effectively when there is only single-phase liquid in the divergent part of 
the nozzle and the vortex is not strong enough to form a vapor core. This suggests that two-phase 
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flow in the divergent part is necessary to achieve a reasonably large vortex control range, and 
control of vapor generation in the divergent part might be the underlying mechanism of vortex 
control of initially subcooled flashing flow. 
𝐶𝑑 = ?̇?𝑎𝑐𝑡𝑢𝑎𝑙/𝐴𝑜𝑢𝑡√2(𝑃𝑖𝑛 − 𝑃𝑜𝑢𝑡)𝜌𝑙  (4.6) 
 
Figure 4.17: Influence of nozzle inlet and outlet pressure difference on the total mass flow 
rate through nozzle 6 with zero and maximum inlet vortex strengths (single-phase liquid 
throughout the nozzle; temperature: 36.0 ºC). 
4.2.7 Influence of Vortex Control on Refrigeration Cycles  
In this section, the influence of vortex control on refrigeration cycles is evaluated under different 
scenarios. 
In Section 4.2.1, it was shown that the nozzle inlet pressure can vary in a wide range with 
different inlet vortex strengths at constant nozzle inlet subcooling (0.5 ºC) and constant total 
mass flow rates when the flow is choked. The tests were conducted with nozzle 1 with R134a. 







































constant at 15 g s-1 as the nozzle inlet pressure varied from 795 kPa to 1039 kPa. This result is 
applicable to the scenario where the condenser air side temperature changes while the 
refrigeration cycle capacity changes only slightly. Nozzle operation allows the expansion device 
inlet subcooling to remain at constant values. Based on the range of nozzle inlet pressure 
variation obtained in the tests, the corresponding condenser refrigerant saturation temperature 
variation range is 9.7 ºC. Therefore, it is believed that vortex control can be applied to 
refrigeration cycles under changing ambient temperature. 
The second scenario considered is that the indoor and outdoor conditions as well as cooling 
capacity are all kept constant. Condenser outlet subcooling is controlled with nozzle operation so 
that optimal COP can be obtained and compressor speed is varied to match the cooling capacity. 
Pottker and Hrnjak (2012) experimentally studied the effect of condenser subcooling on the 
performance of vehicle AC systems with R134a. Condenser air inlet temperature, evaporator air 
inlet temperature, evaporator refrigerant outlet superheat and cooling capacity were 35.0 ºC, 30.0 
ºC, 10± 1 ºC and 4.1 kW, respectively. The COP of the R134a system was improved by 9% with 
condenser outlet subcooling of 9.0 ºC compared to that of zero condenser outlet subcooling. As 
the subcooling varies from 0.0 ºC to 9.0 ºC, condenser outlet pressure increases from 1405 kPa to 
1457 kPa, condenser outlet temperature decreases from 52.5 ºC to 45.0 ºC, and refrigerant mass 
flow rate is reduced by 8%. As is shown in Figure 4.16, with nozzle 5, when VS = 0, inlet 
subcooling is 0.5 ºC, and 𝑻𝒊𝒏 = 40.0 ºC, the choked total mass flow rate is 21.7 g s
-1; when VS = 
1, inlet subcooling is 5.8 ºC, and 𝑻𝒊𝒏 = 32.0 ºC, the choked total mass flow rate is 17.7 g s
-1. By 
extending the experimental data in Figure 4.16 with constant slope, when VS = 1, 𝑻𝒊𝒏 = 32.0 ºC, 
and choked total mass flow rate equals 20.0 g s-1 (92% of the mass flow rate at zero inlet 
subcooling), the estimated inlet subcooling is 8.0 ºC. It can be seen that the range of subcooling 
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control that can be achieved with vortex control is comparable to what is needed for performance 
optimization in actual applications. 
The last scenario considered is that the indoor and outdoor conditions remain constant while 
compressor speed is varied. When compressor speed increases, both refrigerant mass flow rate 
and condenser pressure increase. It is assumed that constant expansion device inlet subcooling is 
desirable. As is shown in Figure 4.14(b), at constant inlet condition 𝑷𝒊𝒏 = 1030 kPa, 𝑻𝒊𝒏 = 40.0 
ºC, the difference in choked total mass flow rates through nozzle 5 with VS = 0 and 1 is 9.3 g s-1, 
which is 42% of maximum choked total mass flow rates (22.1 g s-1) at VS = 0. At inlet pressure 
higher than 1030 kPa with the same subcooling, the choked total mass flow rate with VS = 0 
should be larger than 22.1 g s-1. Since in refrigeration cycles both expansion device inlet pressure 
and refrigerant mass flow rate should increase as compressor speed increases, the refrigerant 
mass flow rate variation range achieved by vortex control should be larger than 42%. Therefore, 
vortex control allows the expansion device inlet subcooling to be fixed at constant values for a 
wide range of compressor speed. 
4.3 Chapter Summary and Conclusions 
The experimental results of this chapter demonstrate that the strength of the nozzle inlet vortex 
can change the restrictiveness of the two-phase nozzle without changing the nozzle geometry. 
The nozzle becomes more restrictive as the strength of the vortex increases. The influence of 
nozzle convergent and divergent part lengths and operating conditions on the vortex control of 
initially subcooled flashing flow of R134a has been experimentally investigated. Visualization 
results of initially subcooled flashing flow in the nozzle are also provided. The following results 
were obtained:  
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1. According to the experimental results, it has been shown that the divergent part of a 
convergent-divergent nozzle contributes to the choking of initially subcooled flashing flow. With 
0.3 mm long nozzle divergent part, the inlet vortex strength does not affect the total mass flow 
rate through the nozzle. Vortex control is sensitive to nozzle divergent part length variation when 
the divergent part is short. For the same convergent part, throat diameter and divergent angle, the 
longer the divergent part of the nozzle is, the larger the vortex control range is. Therefore, the 
divergent part of a nozzle seems to be crucial in the choking and vortex control of initially 
subcooled flashing flow.  
2. An interesting phenomenon called “bi-stable nozzle flow” has been observed during the tests 
of nozzles with longer convergent parts. Under the same nozzle inlet conditions (pressure, 
temperature, and vortex strength) and outlet pressure, two different mass flow rates through the 
nozzle can be observed at steady-state. This phenomenon is believed to be related to the wall 
attachment and detachment of the two-phase flow.  
3. Vortex control is generally not affected by doubling the nozzle convergent part length except 
for the region where “bi-stable nozzle flow” is found. With the coexistence of the “bi-stable 
nozzle flow” phenomenon, maximum vortex control range has been observed to be 42% of 
maximum choked total mass flow rate, which appears to be large enough to be suitable for 
numerous technical applications. 
4. Vortex control range is reduced with increasing nozzle inlet subcooling. When there is only 
single-phase liquid throughout the convergent-divergent nozzle (inlet subcooling is so large that 
the fluid remains subcooled liquid even at the nozzle outlet), vortex control does not work 
effectively when no vapor core is formed.  
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5. Visualization results show that when the nozzle outlet pressure is sufficiently low, the initially 
subcooled flow becomes bubbly immediately after the nozzle throat while remains single-phase 
in the upstream of the throat. Flashing in the divergent part seems to be delayed due to the 
introduction of vortex. The inlet vortex increases the restrictiveness of the divergent part and 
thus results in higher nozzle throat pressure. With reduced liquid superheat at the throat, initial 
vapor generation rate in the divergent part near the throat is suppressed. 
The working principles of the vortex control effect are still unclear, which will be explored in the 




CHAPTER 5: MEASUREMENT OF VORTEX FLASHING FLOW STATIC PRESSURE 
PROFILES 
 
Little knowledge is available regarding the working principles of vortex control effect on 
flashing nozzle flow. In this chapter, measurement of the static pressure profiles of the vortex 
flashing R134a flows in convergent-divergent nozzles under different conditions was conducted, 
which can provide more insights into the vortex flashing nozzle flows and substantial 
contribution to the explanation of the vortex control effect discovered and characterized in the 
previous chapter. In the following sections, the test facility for measurement of the pressure 
profiles of the vortex flashing flow will be introduced first. The nozzle pressure profiles under 
different inlet (subcooled liquid or two-phase; with or without inlet vortex) and outlet conditions 
will be presented and discussed. A 1D model for the estimation of vapor qualities in the initially 
subcooled flashing nozzle flow based on the measurement results has been developed and the 
estimation results will be presented and discussed. Comparisons of the measurement and 
estimation results of nozzles with different geometric parameters will be shown. The new 
insights provided by the pressure profile measurements are essential to understand the working 
principles of vortex control effect.   
5.1 Experimental Apparatus and Procedures 
Transparent nozzles with pressure measurement channels (Figure 5.1) have been designed and 
manufactured with Stereo Lithography Apparatus for experiments. Important dimensions of the 
tested vortex nozzles have been summarized in Table 5.1 and these dimensions are shown with 
corresponding letters in Figure 4.1(a). In order to differentiate the nozzles with pressure 
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measurement channels from the previously tested nozzles without pressure measurement 
channels, the nozzles with pressure measurement channels are numbered starting from 8. 
Table 5.1: Important dimensions of tested vortex nozzles with pressure measurement 
channels (shown with corresponding letters in Figure 4.1(a)). 
Nozzle # 8 9 10 11 12 
(a) Nozzle inlet diameter (mm) 15.0 15.0 15.0 15.0 15.0 
(b) Nozzle throat diameter (mm) 1.02 1.00 0.83 1.00 1.00 
(c) Nozzle outlet diameter (mm) 1.37 1.72 1.19 1.18 1.71 
(d) Nozzle convergent part length (mm) 9.9 9.9 9.9 9.9 9.9 
(e) Nozzle divergent part length (mm) 20.0 40.0 20.0 20.0 20.0 
(f) Tangential inlet inner diameter (mm) 2.0 2.0 2.0 2.0 2.0 
(g) Vortex decay distance (mm) 168.0 168.0 168.0 168.0 168.0 
 
 
Figure 5.1: 3D-printed transparent convergent-divergent nozzle with pressure 
measurement channels. 
The cross-sectional view of the nozzle with pressure measurement channels is presented in 
Figure 5.2. There are six pressure measurement channels in total and are numbered from 2 to 7. 
The channels are embedded in the 3D-printed design, so that channels did not have to be drilled 
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separately. The tips of these channels in contact with the nozzle flow are of square shape with 
edge length of approximately 0.25 mm (Figure 5.3). This is the minimum channel tip size that 
can be 3D-printed without any clogging. Numbers 1 and 8 represent the nozzle inlet and outlet 
pressures, respectively. The axial locations of these measurement channel tips relative to the 
nozzle throat are presented in Table 5.2. Only two of the channels are shown in the cross-
sectional view in Figure 5.2. 
 
Figure 5.2: Cross-sectional view of the convergent-divergent nozzle with pressure 
measurement channels. 
 
Figure 5.3: Design details of the pressure measurement channel tip. 
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Table 5.2: Axial locations of the measurement channel tips relative to the nozzle throat. 
Nozzle # Pressure 
measurement 
channel # 
2 3 4 5 6 7 
8, 10, 11, 12 Axial location of the 
tip relative to the 
nozzle throat (mm) 
-1.0 0.6 3.4 6.9 10.4 13.9 
9 -0.6 0.7 7.5 14.5 21.5 28.5 
 
The layout of the experimental facility for measurement of pressure profile of vortex flashing 
flows in convergent-divergent nozzles is shown in Figure 5.4. It is slightly different from the 
facility for vortex control effect characterization in Figure 4.2 in that pressures at different axial 
locations of the nozzle were also measured by a piezo-electric pressure transducer and control 
valves were used to switch between different pressure measurement channels on the nozzle. 
Moreover, pressures and temperatures upstream of the nozzle axial and tangential inlet control 
valves were measured. Pressures downstream of the control valves were also measured. For tests 
with two-phase flow at the nozzle inlet, the fluid upstream of the inlet control valves was single-
phase liquid, while downstream of the control valves the fluid became two-phase after the 
expansion. The nozzle inlet vapor quality was calculated by the measured pressure and 
temperature of the single-phase liquid upstream of the valves and the pressure downstream of the 
valves and assuming isenthalpic expansion. The uncertainty of the calculated inlet vapor quality 




Figure 5.4: Experimental facility for measurement of pressure profile of vortex flashing 
flows in convergent-divergent nozzles. 
5.2 Estimation of Vapor Qualities with 1D Model 
Based on the pressure profiles and mass flow rates obtained through the experiment, the vapor 
qualities of the initially subcooled flashing flow in the divergent part of the nozzle can be 
estimated with the following 1D model. 
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According to the visualization results of initially subcooled flashing flow as shown in Figure 5.5, 
it is assumed that the fluid remains single-phase liquid in the convergent part of the nozzle and 
the vapor quality at location 3 (immediately downstream of the throat) of each tested nozzle is 
zero. Vapor and liquid velocities are assumed to be equal at each location, which appears to be 
justifiable as the visualization showed dispersed vapor phase. Pressure and axial velocity are 
assumed to be uniform at each cross-section. For a segment of the divergent part between 
locations i and j, flow mass and axial momentum balance equations are shown in Equations 5.1 
and 5.2: 
ρiViAi = ρjVjAj = ṁtotal  (5.1) 
∑F + ṁtotal(Vi − Vj) = 0  (5.2) 
where Vi/j  is the axial flow velocity, ρi/j  is assumed to be the density of thermodynamic 
equilibrium two-phase fluid at pressure Pi/j and vapor quality xi/j, Ai/j is the flow area. 
 
Figure 5.5: Visualization of initially subcooled flashing nozzle flow. 
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The forces considered are pressure forces and frictional force between the wall and the fluid. For 
the estimation of frictional force, two different approaches (homogeneous flow approach and 
separated flow approach) have been used.  
Homogeneous flow approach: 















  (5.4) 
where average values of ρ, V, D at locations i and j have been used for estimation of Reynolds 
number Re and wall shear stress τw. For the two-phase flow viscosity, three different models 
have been considered: 










   (5.6) 
Cicchitti et al. (1960): 𝜇𝑡𝑝 = 𝑥𝜇𝑣 + (1 − 𝑥)𝜇𝑙  (5.7) 
The sensitivity of the choice of two-phase flow viscosity model will be examined in a later 
section. ϵ  is the surface roughness. The nozzle inner surface roughness was measured with 





Separated flow approach: 
Lockhart and Martinelli (1949) proposed the original correlation scheme for two-phase flows 
that predicted the two-phase frictional pressure drop based on a friction multiplier for the liquid-
phase or the vapor-phase. It was assumed that the static pressure drop of the liquid and gas 
phases flowing simultaneously is equal at any point along the channel. A few parameters have 
been introduced: 
The ϕl













  (5.8) 
which is the ratio of two-phase pressure gradient due to friction in a channel flow at mass flow 
rate ?̇?𝑡𝑝 to the pressure gradient for a liquid stream flowing alone in the same channel at mass 
flow rate ?̇?𝑙 = (1 − 𝑥)?̇?𝑡𝑝. 















  (5.9) 
which is the ratio of pressure gradient due to friction of liquid phase flowing at mass flow rate 
?̇?𝑙 to the pressure gradient for vapor phase flowing alone in the same channel at mass flow rate 
?̇?𝑣 = 𝑥?̇?𝑡𝑝. 
Chisholm (1967) proposed to relate ϕl










  (5.10) 
where C is a constant which depends on whether the vapor and liquid flows are laminar or 
turbulent. When both the liquid and vapor phases are turbulent, C is taken as 20.  
Since vapor quality at location 3 has been assumed as zero, vapor quality at location 4 can 
therefore be computed with the above assumptions and model provided the pressure profile and 
mass flow rate data. The vapor qualities at locations downstream can be computed in a similar 
fashion.   
5.3 Results and Discussion 
5.3.1 Influence of Inlet Vortex on Initially Subcooled Flashing Nozzle Flow Pressure Profile 
Nozzle 8 was first tested under the conditions Pin = 925 kPa, Tin = 36.0 ºC, Pout = 615 kPa with 
VS = 0 and VS = 1 and the conditions Pin = 1018 kPa, Tin = 36.0 ºC, Pout = 615 kPa with VS = 1. 
The pressure at different axial locations of the nozzle is presented in Figure 5.6. With Pin = 925 
kPa (approximately 0.5 °C inlet subcooling; visual confirmation through the sight glass and the 
transparent body of the nozzle that no bubbles are present at the nozzle inlet), when VS was 
changed from 0 to 1, the nozzle mass flow rate was reduced significantly from 16.0 g s-1 to 12.6 
g s-1. Meanwhile, the pressure drop across the divergent part was increased due to the vortex. 
The pressure difference between locations 3 and 8 is 117 kPa when VS = 0 and is increased to 
196 kPa when VS = 1 (Figure 5.7). It is believed that this is due to the increased amount of vapor 
generated after the application of inlet vortex. It has been observed in previous flow visualization 
that in the convergent part of the nozzle, the fluid remains single-phase liquid. With elevated 
pressure at the throat and constant inlet conditions, the pressure difference across the nozzle 
convergent part decreases and the nozzle mass flow rate is reduced. With higher inlet pressure 
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Pin = 1018 kPa and maximum inlet vortex, same mass flow rate (16.0 g s
-1) as that of the case 
with Pin  = 925 kPa and no inlet vortex has been achieved. The pressure difference between 
locations 3 and 8 is increased from 117 kPa to 217 kPa when VS varies from 0 to 1. When VS = 
1, higher inlet pressure is required to drive the same mass flow rate as when VS = 0, which also 
suggests that the nozzle restrictiveness has been increased by the inlet vortex. 
 





Figure 5.7: Pressure differences between axial locations. 
Figure 5.8 shows the influence of increasing inlet vortex strength on the pressure at different 
axial locations of nozzle 8 with Pin = 1035 kPa, Tin = 40.0 °C, and Pout = 680 kPa. It can be 
observed that as VS increases from 0 to 0.34, the pressure drop near the nozzle outlet (between 
locations 7 and 8) first starts to increase significantly. As the inlet vortex keeps becoming 
stronger, the increase of pressure drop gradually propagates to the upstream. When VS increases 
from 0 to 0.34, the nozzle mass flow rate is reduced by 1.8 g s-1. However, as VS increases from 
0.62 to 1, the nozzle mass flow rate is only reduced by 0.3 g s-1. As the vortex strength increases, 
the pressure drop between locations 3 and 4 near the throat decreases due to the reduced vapor 
generation caused by elevated pressure and reduced liquid superheat. Therefore, the nozzle throat 
pressure is relatively unchanged at higher vortex strengths and further increase of vortex strength 




Figure 5.8: Influence of inlet vortex strength on the pressure at different axial locations of 
nozzle 8 with 𝐏𝐢𝐧 = 1035 kPa, 𝐓𝐢𝐧 = 40.0 °C, and 𝐏𝐨𝐮𝐭 = 680 kPa. 
5.3.2 Influence of Inlet Vortex on Nozzle Flow Pressure Profile with Different Inlet Vapor 
Qualities 
Nozzle 8 was also tested with different inlet vapor qualities. Figure 5.9 displays the influence of 
the inlet vortex on the pressure profile of nozzle 8 with different inlet vapor qualities with Pin = 
925 kPa and Pout = 680 kPa. For the subcooled inlet cases, Tin = 36.0 °C and the inlet subcooling 
was approximately 0.5 °C. Figure 5.10 shows the influence of inlet vapor quality on the nozzle 
total mass flow rate under abovementioned test conditions. For all the cases with two-phase at 
the nozzle inlet, the differences of the pressure profile and the nozzle mass flow rate between the 
cases VS = 0 and 1 (for the same inlet vapor quality) are small, while for the initially subcooled 
flashing flow the differences are much more significant. It appears that the vortex control effect 
is achieved by controlling the thermodynamic non-equilibrium (difference between the actual 
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vapor quality and the thermodynamic equilibrium vapor quality) of the fluid. For the cases with 
two-phase at the inlet, due to the availability of large vapor-liquid interfacial area throughout the 
expansion in both convergent and divergent parts of the nozzle, the fluid is believed to be close 
to thermodynamic equilibrium. Therefore, in that case, the application of inlet vortex does not 
effectively increase vapor generation in the nozzle flow due to the small difference between local 
vapor quality and thermodynamic equilibrium vapor quality and the vortex control effect on 
nozzle pressure profile and mass flow rate is not significant. The difference between nozzle mass 
flow rates when VS = 0 and 1 keeps decreasing as the inlet vapor quality increases. With an inlet 
vapor quality of 0.022, the mass flow rate difference is only 0.1 g s-1. For the subcooled inlet 
cases, the fluid remains single-phase liquid in the convergent part even though the pressure is 
below saturation pressure. At location 3 near the nozzle throat, the local liquid superheat is 
7.3 °C when VS = 0. Due to the lack of nucleation sites at the flow center, there is still large 
thermodynamic non-equilibrium in the divergent part of the nozzle. By applying the vortex, for 
initially subcooled flashing flow, more vapor can be generated from the superheated liquid 
during the expansion in the nozzle divergent part compared with the case with VS = 0, thus both 




Figure 5.9: Influence of inlet vortex on the pressure profile of nozzle 8 with different inlet 
vapor qualities with 𝐏𝐢𝐧 = 925 kPa and 𝐏𝐨𝐮𝐭 = 680 kPa. 
 
Figure 5.10: Influence of inlet vapor quality on the nozzle total mass flow rate with 𝐏𝐢𝐧 = 
925 kPa and 𝐏𝐨𝐮𝐭 = 680 kPa. 
5.3.3 Influence of Inlet Vortex on Single-phase Liquid Nozzle Flow Pressure Profile 
In order to investigate the influence of inlet vortex on nozzle flow pressure profile when there is 
only single-phase liquid throughout the nozzle, nozzle 8 was tested at high pressures. The nozzle 
inlet temperature was 36.0 °C. Pressures inside the nozzle remained above the corresponding 
saturation pressure (912 kPa). The pressure relative to the nozzle outlet at different axial 
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locations of nozzle 8 is presented in Figure 5.11. It can be observed that the nozzle 
restrictiveness on single-phase liquid and the pressure profiles under similar conditions do not 
change significantly as VS varies from 0 to 1. The vortex control effect which is shown 
previously with flashing flow is not seen with single-phase liquid. Moreover, in the divergent 
part of the nozzle, the pressure rises from the throat to the outlet as the flow area increases and 
the liquid velocity decreases. In Figure 5.6, with initially subcooled flashing flow, pressure drop 
is observed in the divergent part for similar mass flow rates with VS = 0 and 1. This is caused by 
the vapor generation in the divergent part of the nozzle. It appears that for flashing flow the 
increase of pressure drop in the divergent part after the application of inlet vortex is mainly due 
to the increased vapor generation in the divergent part caused by the applied vortex.    
 
Figure 5.11: Pressure relative to the nozzle outlet at different axial locations of nozzle 8 
(single-phase liquid throughout the nozzle; liquid temperature: 36.0 °C). 
5.3.4 Sensitivity of the Choice of Frictional Force Model for Vapor Quality Estimation 
Figure 5.12 shows the vapor qualities in the divergent part of nozzle 8 at different axial locations 
relative to the nozzle throat estimated with the 1D models mentioned above using the measured 
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pressure and mass flow rate for the cases VS = 0 and 1 at Pin  = 925 kPa, Tin  = 36.0 °C 
(approximately 0.5 °C subcooling), and Pout = 680 kPa. The results with homogeneous flow 
approach using different two-phase flow viscosity models (Owens (1961), McAdams (1942), 
Cicchitti et al. (1960)) as well as separated flow approach using correlation by Lockhart and 
Martinelli (1949) are presented. The thermodynamic equilibrium vapor qualities assuming 








Figure 5.12: Estimated vapor qualities and thermodynamic equilibrium vapor qualities 
assuming isentropic/isenthalpic expansion at different axial locations of nozzle 8 when 𝐏𝐢𝐧 = 
925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 𝐏𝐨𝐮𝐭 = 680 kPa with (a) VS = 0 (b) VS = 1. 
It can be observed that the estimated vapor qualities using different two-phase flow viscosity 
models are close to each other, which is mainly due to the small vapor quality value. In the 
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following sections, only results with Owens (1961) two-phase flow viscosity model (Equation 
5.5) will be presented for simplicity. Vapor qualities estimated by Lockhart and Martinelli’s 
(1949) correlation are lower than those by homogeneous flow approach due to the larger 
predicted frictional force. 
Near the throat the estimated vapor qualities for the case with VS = 1 are lower than those of the 
case with VS = 0. This is due to the elevated pressure and reduced liquid superheat such that 
initial vapor generation is suppressed. Between 6.9 mm downstream of the nozzle throat and the 
outlet, the estimated vapor qualities for the case with VS = 1 are higher than those with VS = 0. 
At the nozzle outlet, the vapor quality estimated with Lockhart and Martinelli’s (1949) 
correlation for the case with VS = 1 is 0.049 which is close to the thermodynamic equilibrium 
vapor qualities (0.082 and 0.084 for isentropic and isenthalpic expansion, respectively), while the 
estimated vapor quality for the case with VS = 0 is only 0.017. The dimensionless 
thermodynamic non-equilibrium can be defined as the ratio of the difference between the 
equilibrium vapor quality and the local vapor quality to the equilibrium vapor quality, as shown 




   (5.11) 
The isentropic expansion equilibrium vapor quality is assumed to be the equilibrium vapor 
quality in Equation 5.11 in this study. As VS increases from 0 to 1, nozzle outflow TNE is 
reduced from 79.3% to 40.2%. The applied vortex helps to generate more vapor in the divergent 
part and makes the outflow much closer to thermodynamic equilibrium.    
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Table 5.3 shows the estimated values at the outlet of nozzle 8 when Pin = 925 kPa, Tin = 36.0 °C, 
and Pout  = 680 kPa with Lockhart and Martinelli’s (1949) correlation. The estimated fluid 
densities at the nozzle outlet for the cases VS = 0 and 1 are 747 kg m-3 and 441 kg m-3, 
respectively. Although the total mass flow rate through the nozzle with VS = 1 (12.6 g s-1) is 
much lower than that with VS = 0 (15.7 g s-1), the fluid average axial velocity at the outlet with 
VS = 1 (19.4 m s-1) is much higher than that with VS = 0 (14.3 m s-1) due to the much lower fluid 
density at the outlet. For inlet conditions of Pin = 925 kPa and Tin = 36.0 °C and outlet pressure 
of 680 kPa, the isentropic nozzle outflow velocity Visentropic,out is 30.2 m s
-1. The isentropic 





2   (5.12) 
By the introduction of vortex, the isentropic efficiency of the nozzle has been improved from 
22.4% to 41.3%. When the vortex nozzle is used as the motive nozzle in ejectors, the increase of 
nozzle isentropic efficiency and nozzle outflow velocity for the same operating conditions could 
be beneficial to ejector performance as more kinetic energy can be transferred to the suction flow 
and larger pressure lift can be achieved. It should be noted that higher nozzle isentropic 
efficiency in this case does not necessarily suggest less irreversibility during the expansion inside 
the nozzle. Higher outflow velocity is mainly achieved by reduced thermodynamic non-





Table 5.3: Estimated values at the outlet of nozzle 8 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 












0 0.017 14.3 747 22.4% 
1 0.049 19.4 441 41.3% 
5.3.5 Comparison of Nozzles with Different Divergent Part Lengths 
Nozzle 9 has the same convergent part and divergent angle as nozzle 8, but the divergent part 
length of nozzle 9 is 40.0 mm which is twice that of nozzle 8. The pressure at different axial 
locations of nozzle 9 with Pin = 925 kPa, Tin = 36.0 ºC, VS = 1, and various outlet pressures is 
presented in Figure 5.13. The pressure profiles of nozzle 8 with the same inlet conditions and 
similar outlet pressures are also presented for comparison. Flow choking has been observed with 
both nozzles 8 and 9. The total mass flow rates through nozzle 8 remained at 12.6 g s-1 when Pout 
decreased from 700 kPa to 530 kPa, while the total mass flow rates through nozzle 9 remained at 
12.2 g s-1 when Pout decreased from 680 kPa to 580 kPa. The increase of nozzle divergent part 
length from 20.0 mm to 40.0 mm does not significantly change vortex control characteristics as 
the choked mass flow rates through the two nozzles under the same inlet conditions when VS = 1 
are close. For nozzle 9, the flow pressure drop near the nozzle outlet (between 21.5 mm and 40.0 
mm downstream of the nozzle throat) is much smaller than in the upstream region between 7.5 




Figure 5.13: Pressure at different axial locations of nozzles 8 and 9 with VS = 1 when 𝐏𝐢𝐧 = 
925 kPa, 𝐓𝐢𝐧 = 36.0 ℃. 
Figure 5.14 shows the estimated vapor qualities in the divergent part of nozzle 9 at different axial 
locations relative to the nozzle throat when VS = 1, Pin = 925 kPa, Tin = 36.0 °C, and Pout = 615 
kPa. At the nozzle outlet, the estimated vapor quality using Owens (1961) viscosity model is 
higher than the thermodynamic equilibrium vapor qualities, which suggests that the vapor quality 
is overestimated and the frictional force is underestimated. The estimated vapor qualities by 
Lockhart and Martinelli’s (1949) correlation are significantly lower than those of Owens (1961) 
model, especially near the nozzle outlet when the vapor quality is high. They remain lower than 
the thermodynamic equilibrium vapor qualities. From the nozzle throat to the outlet, vapor 
generation first increases rapidly and then slows down towards the outlet. As a result, pressure 
profile near the outlet is much flatter than in the upstream region. The majority of vapor 
generation takes place in the upstream half of the divergent part. Vapor quality reaches 0.062 at 
21.5 mm downstream of the throat and only increases to 0.083 at the outlet (40.0 mm 
downstream of the throat). The limited vapor generation near the nozzle outlet is due to the 
reduced thermodynamic non-equilibrium as local vapor quality is already close to the 




Figure 5.14: Estimated vapor qualities in the divergent part of nozzle 9 when VS = 1, 𝐏𝐢𝐧 = 
925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 𝐏𝐨𝐮𝐭 = 615 kPa. 
Table 5.4 displays the estimated values using Lockhart and Martinelli’s (1949) correlation at the 
outlet of nozzles 8 and 9 when Pin = 925 kPa, Tin = 36.0 °C, and Pout = 615 kPa with VS = 1. 
Although higher vapor quality (lower level of thermodynamic non-equilibrium) and lower fluid 
density can be achieved at the nozzle outlet with longer divergent part length, average axial 
velocity at the outlet of nozzle 9 is lower than that of nozzle 8. This is mainly due to the larger 
outlet area as well as the larger frictional losses in the nozzle (larger contact area between the 
fluid and the nozzle wall). Nozzle isentropic efficiency is reduced from 43.4% to 24.6% when 
divergent part length is doubled from 20.0 mm to 40.0 mm. If the divergent part length is too 
short, the time for vapor generation in the nozzle is insufficient and the thermodynamic non-
equilibrium in the outflow is still at a high level even with vortex. This might result in small 
vortex control range (Figure 4.8) as well as low nozzle isentropic efficiency. Therefore, the 
nozzle divergent part length needs to be appropriately sized in order to achieve satisfactory 




Table 5.4: Estimated values at the outlet of nozzles 8 and 9 when VS = 1, 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 



























8 20.0 1.47 0.063 40.2% 24.6 347 43.4% 
9 40.0 2.32    0.083 21.2% 18.5 284 24.6% 
 
5.3.6 Comparison of Nozzles with Different Throat Diameters 
Nozzle 10 has smaller throat diameter (0.83 mm) than that of nozzle 8 (1.02 mm) but the same 
convergent part length as well as divergent part length and angle. Figure 5.15 shows a 








Figure 5.15: Comparison of pressure profiles of nozzles 8 and 10 under similar inlet and 
outlet pressures when (a) 𝐓𝐢𝐧 = 36.0 ℃ (b) 𝐓𝐢𝐧 = 40.0 ℃. 
It can be observed that for the same test conditions the pressures at each axial location of nozzles 
8 and 10 are close to each other, while there are significant differences in the mass flow rates 
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through nozzles 8 and 10 due to the change in flow area. The throat areas of nozzles 8 and 10 are 
0.82 mm2 and 0.54 mm2, respectively. When VS = 0, Pin = 1035 kPa, Tin = 40.0 ℃, Pout = 680 
kPa, the mass flow rate going through nozzle 8 was 17.4 g s-1. Under the same inlet and outlet 
temperature and pressure conditions with VS = 1, the mass flow rate through nozzle 8 was 
reduced to 13.5 g s-1. For nozzle 10 when VS = 0, Pin = 1035 kPa, Tin = 40.0 ℃, Pout = 681 kPa, 
the mass flow rate was 10.4 g s-1. By linear interpolation between (0.82 mm2, 17.4 g s-1) and 
(0.54 mm2, 10.4 g s-1), the nozzle throat area for which the nozzle mass flow rate is 13.5 g s-1 
when VS = 0, Pin = 1035 kPa, Tin = 40.0 ℃, Pout = 680 kPa (13.5 g s
-1 was the mass flow rate 
through nozzle 8 under the same conditions with maximum vortex applied) is estimated to be 
0.66 mm2. The corresponding nozzle throat diameter is 0.92 mm. Therefore, with nozzle inlet 
vortex, the same nozzle restrictiveness can be achieved with 24% larger throat area and 11% 
larger throat diameter, which suggests that applying nozzle inlet vortex can allow particles with 
larger size to pass through and help to reduce the nozzle vulnerability to clogging for equivalent 
nozzle restrictiveness.    
5.3.7 Comparison of Nozzles with Different Divergent Angles 
Nozzles 8, 11, and 12 have the same convergent part, throat diameter, and divergent part length 
but different divergent angles (1.0°, 0.5°, and 2.0° full divergent angle, respectively). Figure 5.16 
compares the pressure profiles of nozzles 8, 11, and 12 under similar inlet and outlet conditions. 
Figures 5.17 and 5.18 display the estimated vapor qualities in the divergent part of nozzles 8, 11, 
and 12 when VS = 0 and 1, respectively. When VS = 0, nozzle 11 with the smallest divergent 
angle among the three nozzles (therefore the smallest flow area at each axial location) has the 
largest pressure drop across the divergent part, even though the vapor quality at each axial 
location is similar and nozzle mass flow rate is the lowest. When VS = 1, more vapor is 
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generated in nozzle 12 with the largest divergent angle, especially at the immediate downstream 
of the nozzle throat. Vapor generation near the throat is less suppressed in nozzle 12 due to the 
lower pressure level and therefore larger liquid superheat. The relative vortex control range is 
defined as the ratio of the difference in nozzle total mass flow rates when VS = 0 and 1 to the 
nozzle mass flow rate when VS = 0. Nozzle 11 with the smallest divergent angle has lower 
vortex control range (14%) than nozzles 8 and 12 (20% and 21%, respectively) as the vapor 
generation and pressure drop near the throat are more suppressed when VS = 1. When the 
divergent angle is too large, two-phase nozzle flow can be separated from the nozzle wall and 
recirculation of ambient vapor can take place between the nozzle wall and the two-phase nozzle 
flow, as is shown in Figure 4.13. At the extreme case when the full divergent angle is 180° 
(nozzle divergent part wall is perpendicular to the axial direction of the nozzle flow), the 
divergent part nozzle wall has no influence on the nozzle flow and the nozzle is equivalent to a 
convergent-only nozzle. The vortex control range drops to an insignificant level in this case.   
 
Figure 5.16: Comparison of pressure profiles of nozzles 8, 11 and 12 when 𝐏𝐢𝐧 = 925 kPa, 








Figure 5.17: Estimated vapor qualities in the divergent part of nozzles 8, 11, and 12 when 
VS = 0, 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 𝐏𝐨𝐮𝐭 = 680 kPa using (a) Owens (1961) viscosity 



















































Figure 5.18: Estimated vapor qualities in the divergent part of nozzles 8, 11, and 12 when 
VS = 1, 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 𝐏𝐨𝐮𝐭 = 680 kPa using (a) Owens (1961) viscosity 
model (b) Lockhart and Martinelli’s (1949) correlation. 
Figure 5.19 shows the estimated nozzle outlet average axial velocity of nozzles 8, 11, and 12 

























































925 kPa, Tin = 36.0 °C, and Pout = 680 kPa. It can be seen that under the same conditions as 
nozzle divergent angle decreases, nozzle outlet average axial velocity increases due to the 
reduced nozzle outlet area. When the nozzle is used as motive nozzle in an ejector, higher nozzle 
outflow velocity under the same conditions could be beneficial to the ejector performance. 
Choosing the appropriate nozzle divergent angle is needed for vortex nozzle used in ejectors 
such that satisfactory vortex control range and high ejector performance can be achieved.     
 
Figure 5.19: Estimated nozzle outlet average axial velocity of nozzles 8, 11, and 12 with 
different divergent angles using Lockhart and Martinelli’s (1949) correlation when 𝐏𝐢𝐧 = 
925 kPa, 𝐓𝐢𝐧 = 36.0 °C, and 𝐏𝐨𝐮𝐭 = 680 kPa. 
5.3.8 Nozzle Outflow Visualization 
Figure 5.20 shows the outflows of nozzle 11 with VS = 0 and VS = 1 when Pin = 925 kPa, Tin = 
36.0 ℃, Pout = 700 kPa. It can be observed that the application of inlet vortex has increased the 
expansion angle (angle between boundary line of the outflow and the centerline) of nozzle 
outflow from 0.2° to 3.0°. Despite the dissipation during the expansion through the convergent-







































which appears to be the major contributor to the increased expansion angle. When a vortex 
nozzle is used as the motive nozzle in an ejector, the increase of expansion angle might have 
impact on ejector performance (Zhu et al., 2017). The motive flow and the suction flow can be 
obstructed at the mixing section entrance due to the large expansion angle which reduces the 
entrainment performance. This should be taken into consideration during the design of ejector 
with vortex nozzle. 
 
(a)      (b) 
Figure 5.20: Comparison of nozzle 11 outflows with (a) VS = 0 (b) VS = 1 when 𝐏𝐢𝐧 = 925 
kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 700 kPa. 
 
5.4 Chapter Summary and Conclusions 
In this chapter, measurement results of static pressure profiles of vortex flashing R134a flows 
expanded through convergent-divergent nozzles under various conditions have been presented. A 
1D model for the estimation of vapor qualities in the initially subcooled flashing nozzle flow 
based on the measurement results was also developed. The following results were obtained: 
1. After the introduction of an inlet vortex to the initially subcooled flashing nozzle flow, the 
pressure drop across the divergent part has been increased. As observed by flow visualization, 
the fluid is single-phase liquid in the convergent part of the nozzle. For constant inlet and outlet 
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conditions, with elevated pressure at the nozzle throat after the inlet vortex is applied, the nozzle 
convergent part pressure difference is reduced and the nozzle mass flow rate decreases. To drive 
the same mass flow rate with inlet vortex applied, higher inlet pressure is required. 
2. When the inlet vortex is applied to flashing nozzle flow with two-phase at the inlet, the 
differences of the pressure profile and the nozzle mass flow rate between the cases VS = 0 and 1 
are small, while for initially subcooled flashing flow the differences are much more significant. It 
appears that the vortex control effect is achieved by controlling the thermodynamic non-
equilibrium of the fluid. For the cases with two-phase at the inlet, due to the availability of large 
vapor-liquid interfacial area throughout the expansion in both convergent and divergent parts of 
the nozzle, the fluid is believed to be close to the thermodynamic equilibrium. Therefore, in that 
case, the application of inlet vortex does not effectively increase vapor generation in the nozzle 
flow due to the small difference between local vapor quality and thermodynamic equilibrium 
vapor quality. Consequently, the vortex control effect on nozzle pressure profile and mass flow 
rate is not significant. 
3. When the inlet vortex is applied to single-phase liquid nozzle flow, the nozzle restrictiveness 
on single-phase liquid and the pressure profiles under similar conditions do not change 
significantly. Moreover, in the divergent part of the nozzle, pressure rises from the throat to the 
outlet as the flow area increases and the liquid velocity decreases. 
4. Using the 1D model presented in this chapter, it was shown that for initially subcooled 
flashing nozzle flow under the same inlet and outlet conditions, the applied vortex helps to 
generate more vapor in the divergent part and makes the outflow much closer to thermodynamic 
equilibrium. This is why pressure drop across the divergent part has been increased with the 
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vortex. Near the nozzle throat the estimated vapor qualities for the case with VS = 1 can be lower 
than those of the case with VS = 0. This is due to the elevated pressure and reduced liquid 
superheat such that initial vapor generation is suppressed. 
5. By the introduction of vortex, the nozzle outflow velocity and the isentropic efficiency of the 
nozzle can be significantly increased, which could be beneficial to ejector performance when the 
vortex nozzle is used in ejectors. Higher outflow velocity is mainly achieved by reduced 
thermodynamic non-equilibrium and increased vapor generation. 
6. The nozzle divergent part length needs to be appropriately sized in order to achieve sufficient 
vortex control range, high nozzle outflow velocity and high nozzle isentropic efficiency. If the 
length is too short, the time for vapor generation in the nozzle is insufficient and the 
thermodynamic non-equilibrium in the outflow is still at a high level. If the length is too long, 
the outflow velocity becomes low due to the large nozzle outlet area and the large frictional 
losses. 
7. Small divergent angles result in large pressure drop across the divergent part due to small flow 
area. Nozzles with smaller divergent angle might have smaller vortex control range because of 
the suppressed vapor generation and pressure drop near the throat when VS = 1. Under the same 
conditions as nozzle divergent angle decreases, nozzle outlet average axial velocity increases due 
to the reduced nozzle outlet area. Choosing the appropriate nozzle divergent angle is needed for 
vortex nozzle used in ejectors such that satisfactory vortex control range and high ejector 
performance can be achieved.     
8. The application of inlet vortex has increased the expansion angle of the nozzle outflow due to 
the non-zero tangential velocity of the nozzle outflow. When a vortex nozzle is used as the 
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motive nozzle in an ejector, the increase of expansion angle might result in obstruction of motive 
flow and suction flow at the mixing section entrance and could have negative impact on ejector 
performance, which needs to be considered during the design of the ejector.  
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CHAPTER 6: CFD SIMULATION OF VORTEX FLASHING FLOW 
 
In this chapter, 3D CFD simulation of initially subcooled vortex flashing R134a flows in 
convergent-divergent nozzles using ANSYS CFX was conducted in order to understand the 
vortex control effect, confirm whether more vapor can be generated in the divergent part of the 
nozzle with the applied vortex, and explain the underlying mechanism. In the following sections, 
the modeling approach will first be introduced. The simulation results will be validated by being 
compared with the experimental results under various conditions and using different nozzle 
geometries. The influence of inlet vortex on nozzle flow pressure profile and void fraction will 
be presented. The change of vapor qualities, liquid and vapor streamlines as well as nozzle 
outflow velocities after the introduction of inlet vortex will also be shown. Radial distribution of 
interphase mass transfer as well as liquid superheat and interfacial area per unit volume at 
different axial locations of the nozzle will be displayed and the explanation to the increase of 
vapor generation in the divergent part of the nozzle with inlet vortex will be provided. 
6.1 Models 
6.1.1 Two-fluid Model 
The governing set of equations is the Eulerian two-fluid model at steady-state with phase change, 
which comprises of mass, momentum and energy balances for each phase (Equations 6.1 to 
6.4). The model assumes continuous liquid phase containing spherical particles of dispersed 
vapor phase.  
The continuity equation for each phase is 
∇ ∙ (αkρkVk) = Γk  (6.1) 
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with the interfacial mass transfer condition 
∑ Γk
2
k=1 = 0  (6.2) 
Γk represents the rate of production of kth-phase mass from the phase changes at the interfaces 
per unit volume. The momentum equation for each phase is 
∇ ∙ (αkρkVk × Vk) = −αk∇P + ∇ ∙ (αkεk) + ΓkVi + Fk  (6.3) 
where εk is the viscous stress. The balance of energy can be written as 
∇ ∙ (αkρkhtotal,kVk) = ∇ ∙ (αkλ∇Tk) + Γkhtotal,i + Ek  (6.4) 
where αk, ρk, Vk, htotal,k, Tk  are volume fraction, density, velocity vector, total enthalpy and 
temperature of the two phases. Γk, Fk,  and Ek  describe the mass, momentum and heat flux 
between the phase and the interface. ΓkVi and Γkhtotal,i are the momentum and energy sources (or 
sinks) related to mass transfer rate. Vi and htotal,i represent the quantities of the outgoing phase. 
For example, if vapor is generated, Vi  represents the velocity of liquid. Pressure jump at the 
interface is ignored. 
The problem was set up and solved using CFX 18.2 by ANSYS. The working fluid was R134a. 
6.1.2 Nucleation Model 
Because the degree of superheat is much smaller than the thermodynamic limit of superheat, the 
contribution of homogeneous nucleation has been ignored and the only contribution was 
assumed to be heterogeneous nucleation occurring on the walls. 
The expressions for bubble departure radius, nucleation frequency and active nucleation site 




6.1.3 Interphase Transfer 
It is assumed that phase change is induced only by interphase heat transfer due to 
thermodynamic non-equilibrium between phases, which is called thermal phase change model in 
ANSYS CFX: 
Γl = −Γv =
q̇l
htotal,v−htotal,l
  (6.5) 
The interphase heat transfer rate per unit volume in the bulk is calculated using Newton’s law of 
cooling 
q̇l = h̅l(Tsat − Tl)aint  (6.6) 
where h̅l  is the liquid-side heat transfer coefficient and aint  is the interfacial area density 
(interfacial area per unit volume). In the current study, Hughmark’s (1967) model is used for the 
estimation of liquid-side heat transfer coefficient. Vapor temperature is assumed to be equal to 
local saturation temperature. Therefore, there is no heat transfer between the vapor phase and the 






3  (6.7) 







  (6.8) 
The local bubble number density equation can be expressed as: 
∇ ∙ (NbVb) = ϕso − ϕsi  (6.9) 
where ϕso, ϕsi, and Vb are the bubble source term due to nucleation, the bubble sink term due to 
bubble coalescence and the local bubble velocity, respectively (Riznic and Ishii, 1989). In the 
current study, bubble nucleation is assumed to take place only at the nozzle wall. Bulk nucleation 
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and bubble coalescence are neglected. The local bubble velocity is equal to the local vapor 
velocity. Interphase momentum transfer between the phases takes place due to the interfacial 
forces. In this study, drag, lift, and turbulent dispersion forces are considered. Ishii and Zuber’s 
(1979) drag model, Saffman-Mei lift force model (1994), and Favre averaged drag model for 
turbulent dispersion (Burns et al., 2004) have been used. 
6.1.4 Turbulence Modeling 
The RNG (Re-Normalisation Group) k-ϵ turbulence model with the standard wall-function has 
been used for liquid. The major differences between the standard k-ϵ turbulence model and the 
RNG model are the calculation of the turbulent viscosity in the case of the RNG model from the 
solution of an ordinary differential equation, which includes the effects of rotation and the 
presence of an additional term in the dissipation rate transport equation. Escue and Cui’s (2010) 
work shows that RNG k-ϵ turbulence model gives good agreement with experimental results for 
swirling flow. Dispersed phase zero equation model is used for the estimation of the vapor eddy 
viscosity.  
6.2 Test Cases 
Simulation has been conducted with the above model setup using the conditions of experimental 
results in Chapter 5 and the results will be compared in later sections. Dimensions of nozzles 8, 
9, 11, as shown in Table 5.1, were used in the simulation.  
The test conditions and nozzle number for each test case simulated in the current study and 




Table 6.1: Summary of nozzle number and test conditions for each test case. 
Test case # Nozzle # Pin (kPa) Tin (℃) Pout (kPa) VS (-) 
1 8 926 36.0 680 0 
2 8 925 36.0 615 0 
3 8 925 36.0 680 1 
4 8 925 36.0 615 1 
5 8 925 36.0 530 1 
6 8 1018 36.0 615 1 
7 8 1035 40.0 680 0 
8 8 1035 40.0 680 1 
9 9 925 36.0 680 1 
10 9 925 36.0 615 1 
11 11 925 36.0 680 0 
12 11 925 36.0 680 1 
6.3 Computational Meshes and Mesh Studies 
In order to save computational costs, the fluid domain has been separated into two parts. The first 
part is mainly the vortex generator. This part has two inlets, which are the axial and tangential 
inlets of the vortex nozzle, and one outlet, which is connected with the inlet of the convergent-
divergent nozzle. In the vortex generator, the pressure is always above saturation pressure and 
therefore the fluid is single-phase liquid. The second part is the convergent-divergent nozzle. At 
the inlet, there is only single-phase liquid entering the domain. As the fluid goes through the 
nozzle, pressure drops below the saturation pressure and thus vapor is generated. This is where 
all the above-mentioned two-phase flow models have been applied. The outlet velocity profile of 
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the vortex generator part for certain tangential and axial inlet mass flow rates is used as the inlet 
velocity profile of the nozzle part.  
3D computational meshes were generated separately for the vortex generator part and the 
convergent-divergent nozzle part. In order to get mesh-independent results, mesh studies have 
been performed. For the vortex generator part, five meshes with different resolutions and node 
numbers were investigated. The radial azimuthal velocity profiles at the vortex generator outlet 
for the five vortex generator (VG) meshes with different numbers of nodes are presented in 
Figure 6.1. The tangential and axial inlet mass flow rates are 15.5 g s-1 and 0 g s-1, respectively. 
The results achieved using vortex generator mesh 4 with 362367 nodes can be considered as 
mesh-independent. In all the following simulations, this mesh was used for the vortex generator 
part. Similarly, for the nozzle part, meshes with different resolutions were generated and 
investigated. The dependence of simulation results on the meshes is shown by fixing the nozzle 
inlet conditions (except the inlet pressure) as well as the outlet pressure and comparing the 
computed nozzle inlet pressure. Table 6.2 shows one example (nozzle 8) of the dependence of 
nozzle inlet pressure on the mesh resolution. In this case nozzle mesh 3 was considered as mesh-




Figure 6.1: Radial azimuthal velocity profiles at the vortex generator outlet for different 
numbers of nodes in the vortex generator part. 
Table 6.2: Dependence of nozzle 8 inlet pressure on the nozzle mesh resolution. 
















Tin = 40.0 ºC, Pout = 680 kPa, VS 
= 0, ?̇?𝑡𝑜𝑡𝑎𝑙 = 17.2 g s
-1 
1021 kPa 1039 kPa 1038 kPa 1038 kPa 
Tin = 40.0 ºC, Pout = 680 kPa, VS 
= 1, ?̇?𝑡𝑜𝑡𝑎𝑙 = 13.4 g s
-1 
1032 kPa 1032 kPa 1031 kPa 1031 kPa 
 
6.4 Results and Discussion 
6.4.1 Validation of Simulation Results 
The surface nucleation constant Csurface of the active nucleation site density model by Shin and 
Jones (1993) in Equation 2.12 was set to 5E-7 for all the test cases with different nozzle inlet and 
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outlet conditions as well as different nozzle geometric parameters. This is the only parameter that 
is adjusted to match the simulation results with the experimental results.   
Figure 6.2 shows the pressure profiles generated by the CFD simulation for test cases 1 to 12. 
The pressure profiles obtained by experimental measurement in Chapter 5 are also presented for 
comparison. For each test case, pressure profiles at the nozzle wall and nozzle center by 
simulation are provided. The pressure profiles by experiments were measured through 3D 
printed channels at the nozzle wall. Therefore, they were considered as pressure profiles at the 
nozzle wall. Good agreement was found between the pressure profiles at the nozzle wall by 
simulation and by experiment for all the test cases with various inlet temperatures and pressures, 
inlet vortex strengths, outlet pressures, nozzle divergent part lengths and angles. As shown in the 
experimental results, when VS is increased from 0 to 1, the pressure profile becomes flatter near 
the throat and steeper downstream. This feature has been well captured in the simulation results. 
It can also be observed that there is a pressure undershoot at the nozzle wall near the throat 
where the pressure is significantly lower than nozzle center in all the cases. Due to the change of 
nozzle wall direction near the throat, the initially converging flow near the wall needs to change 
its direction over a short distance. Therefore, a large pressure gradient is needed and a pressure 




Figure 6.2: Pressure at different axial locations for test cases 1~12. 
Figure 6.3 displays a comparison of nozzle mass flow rates by simulation and by experiment for 
the 12 test cases. Only 9 data points can be distinguished in Figure 6.3 due to the overlapping. 
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The mass flow rates predicted by simulation agree well with the experiment results. The largest 
deviation is within ±5% of the mass flow rate by experiment.  
 
Figure 6.3: Comparison of nozzle mass flow rates by simulation and by experiment. 
 
6.4.2 Influence of Inlet Vortex on Flashing Nozzle Flow Pressure Profile and Void Fraction 
Figure 6.4 shows the influence of inlet vortex on flashing nozzle flow pressure profiles in nozzle 
8 when Pin = 925 kPa, Tin = 36.0 ℃ (approximately 0.5 °C inlet subcooling), Pout = 615 kPa. 
Figure 6.5 displays the corresponding void fraction contours at the nozzle 8 center plane with VS 
= 0 and 1, respectively. When VS was changed from 0 to 1, the nozzle mass flow rate has been 
reduced significantly from 16.0 g s-1 to 12.6 g s-1. Meanwhile, the pressure drop across the 
divergent part has been increased due to the vortex. This is caused by increased vapor generation 
after the application of inlet vortex, which will be discussed in more details in later sections. 
There is negligible vapor content upstream of the throat even though the pressure is already 
below saturation pressure (912 kPa), as is shown in Figure 6.5. The fluid in the convergent part 
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can be considered as single-phase liquid. With elevated pressure at the throat and constant inlet 
conditions, the pressure difference across the nozzle convergent part decreases and therefore the 
nozzle mass flow rate is reduced. 
 
Figure 6.4: Comparison of pressure profiles in nozzle 8 with VS = 0 and 1 when 𝐏𝐢𝐧 = 925 
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Figure 6.5: Void fraction contour at the nozzle 8 center plane when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 
36.0 ℃, 𝐏𝐨𝐮𝐭 = 615 kPa, with (a) VS = 0 and (b) VS = 1. 
In Figure 6.5, it can be observed that the flashing starts near the nozzle throat, which agrees with 
the previous experimental flow visualization as shown in Figures 4.15 and 5.5. This is also true 
for the other test cases. Flashing inception near the throat is related to the pressure undershoot at 
the throat discussed in previous section. When there is no vortex applied, void fraction at the 
nozzle center remains low. The majority of the vapor generated in the divergent part stays near 
the nozzle wall where bubble nucleation takes place. Due to the much lower density of vapor 
compared to the liquid, when vortex is applied vapor bubbles are driven towards the nozzle 
center. As a result, void fraction becomes less concentrated at the wall and more concentrated at 
the nozzle center near the nozzle outlet. The migration of vapor bubbles from the nozzle wall to 
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the nozzle center forms a liquid cone near the throat, as is shown in Figure 6.5(b). This was also 
captured by flow visualization in Figure 4.15.  
Figure 6.6 shows a comparison of the nozzle center pressure profiles of nozzles 8, 9, 11 when Pin 
= 925 kPa, Tin = 36.0 ℃, Pout  = 680 kPa. The mass flow rates through nozzles 8, 9, 11 by 
simulation under the above conditions are presented in Table 6.3. 
 
Figure 6.6: Comparison of nozzle center pressure profiles of nozzles 8, 9, 11 when 𝐏𝐢𝐧 = 925 
kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 680 kPa. 
 
Table 6.3: Mass flow rates through nozzles 8, 9, 11 by simulation when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 
36.0 ℃, 𝐏𝐨𝐮𝐭 = 680 kPa. 
Nozzle # 8 9 11 
VS = 0 15.5 g s-1 15.0 g s-1 12.9 g s-1 
VS = 1 12.6 g s-1 12.3 g s-1 11.0 g s-1 
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The mass flow rates through nozzles 8 and 9 with different divergent part lengths are similar. 
This is mainly due to the fact that the pressure profiles in the upstream half of the divergent part 
of nozzle 9 are close to those of nozzle 8. Pressure changes across the downstream half of nozzle 
9’s divergent part are much smaller than the upstream, especially for the case with VS = 1. The 
reason for this will be discussed in later section. 
The relative vortex control range can be defined as the ratio of the difference in nozzle mass flow 




   (6.10) 
Nozzle 11 has smaller relative vortex control range (14.7%) than those of nozzles 8 and 9 (18.7% 
and 18.0%, respectively) under the same conditions. It also has larger pressure drop across the 
divergent part even through the nozzle mass flow rate is much lower, due to the smaller 
divergent angle and therefore smaller flow area at each axial location. 
6.4.3 Influence of Inlet Vortex on Vapor Quality  
Figure 6.7 shows a comparison of vapor qualities at different axial locations in the divergent part 
of nozzle 8 for VS = 0 and 1 when Pin = 925 kPa, Tin = 36.0 ℃, Pout = 615 kPa. It can be 
observed that the applied vortex has significantly increased the vapor quality at the nozzle outlet 
from 0.034 (VS = 0) to 0.079. For reference, the equilibrium vapor quality at the nozzle outlet 
pressure Pout  = 615 kPa assuming isentropic and isenthalpic expansion are 0.105 and 0.109, 
respectively. After the introduction of inlet vortex, the nozzle outflow vapor quality is much 
closer to thermodynamic equilibrium vapor qualities. Near the nozzle throat, vapor quality for 
the case with VS = 1 is lower than that of the case with VS = 0. This is mainly due to the 




Figure 6.7: Vapor qualities at different axial locations in the divergent part of nozzle 8 
when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 615 kPa. 
Figure 6.8 shows a comparison of vapor qualities in the divergent part of nozzles 8, 9, 11 when 
Pin = 925 kPa, Tin = 36.0 ℃, Pout = 680 kPa. The vapor qualities in the upstream half of the 
divergent part of nozzle 9 are close to those of nozzle 8 at the same axial locations. For nozzle 9 
(40.0 mm long divergent part) when VS = 1, from the nozzle throat to the outlet vapor generation 
first increases rapidly and then slows down towards the outlet. The majority of vapor generation 
takes place in the upstream half of the divergent part. Vapor quality reaches 0.072 at 21.5 mm 
downstream of the throat and only increases to 0.087 at the outlet (40.0 mm downstream of the 
throat). The limited vapor generation rate near the nozzle outlet is due to the fact that local vapor 
qualities are already close to the thermodynamic equilibrium vapor qualities. When VS = 1, the 
high vapor generation rate in the middle of nozzle 9 divergent part and low vapor generation rate 
near the outlet result in the large pressure drop in the middle and small pressure rise near the 
outlet of the nozzle divergent part, as shown in Figure 6.6. Initial vapor generation near the 
throat is more suppressed in nozzle 11 for both VS = 0 and 1 compared with nozzles 8 and 9 due 






























Figure 6.8: Vapor qualities at different axial locations in the divergent part of nozzles 8, 9, 
11 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 680 kPa. 
6.4.4 Influence of Inlet Vortex on Liquid and Vapor Streamlines and Velocities 
Figures 6.9 and 6.10 show the liquid and vapor streamlines in nozzle 8 for VS = 0 and 1 when 
Pin = 925 kPa, Tin = 36.0 ℃, Pout = 615 kPa. Since there is negligible amount of vapor in the 
convergent part of the nozzle, only the vapor streamlines in the divergent part are shown. It can 
be observed that when inlet vortex is applied, there is still vortex motion downstream of the 
throat, which was also observed through flow visualization. This provides the major driving 
force for the migration of vapor bubbles from the nozzle wall to the center. The non-zero 
azimuthal velocity after applying the inlet vortex will also result in the increase of expansion 
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Figure 6.9: Liquid streamline in nozzle 8 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 615 kPa 







Figure 6.10: Vapor streamline in the divergent part of nozzle 8 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 
36.0 ℃, 𝐏𝐨𝐮𝐭 = 615 kPa with (a) VS = 0 (b) VS = 1. 
Table 6.4 shows a comparison of nozzle 8 outflow mass flow averaged liquid and vapor axial 




Table 6.4: Comparison of nozzle 8 outflow mass flow averaged liquid and vapor axial 
velocities for VS = 0 and 1 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 615 kPa. 
 ?̇?𝑡𝑜𝑡𝑎𝑙 (g s
-1) V̅axial,l (m s
-1) V̅axial,v (m s
-1) 
VS = 0 16.0 22.9 21.9 
VS = 1 12.6 29.7 31.3 
The applied vortex significantly increases the nozzle outflow axial velocity, even though mass 
flow rate has been reduced from 16.0 g s-1 to 12.6 g s-1. This is mainly due to the increased vapor 
generation and therefore lower fluid density at the nozzle outlet. The overall outflow mass flow 
averaged axial velocity ?̅?𝑎𝑥𝑖𝑎𝑙 can be computed as shown in Equation 6.11. 
?̇?𝑡𝑜𝑡𝑎𝑙?̅?axial = ?̇?𝑙?̅?𝑎𝑥𝑖𝑎𝑙,𝑙 + ?̇?𝑣?̅?𝑎𝑥𝑖𝑎𝑙,𝑣  (6.11) 
?̅?𝑎𝑥𝑖𝑎𝑙 has been increased from 22.9 m s
-1 to 29.8 m s-1 by 30.1% when VS increases from 0 to 1. 
For inlet conditions of Pin = 925 kPa and Tin  = 36.0 °C and outlet pressure of 615 kPa, the 
isentropic nozzle outflow velocity Visentropic,out  is 37.3 m s
-1. The isentropic efficiency of a 
nozzle can be calculated using Equation 5.12. By the introduction of vortex, the isentropic 
efficiency of the nozzle has been improved from 37.7% to 63.8%. When the vortex nozzle is 
used in ejectors, increase of nozzle isentropic efficiency and motive nozzle outflow velocity for 
the same operating conditions could be beneficial to ejector performance as more kinetic energy 
can be transferred to the suction flow and larger pressure lift can be achieved. 
Table 6.5 shows a comparison of overall outflow mass flow averaged axial velocity ?̅?𝑎𝑥𝑖𝑎𝑙 for 
nozzles 8, 9, 11 when Pin  = 925 kPa, Tin  = 36.0 ℃, Pout  = 680 kPa. The velocity increase 
percentages when VS is increased from 0 to 1 are also provided.  
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Table 6.5: Comparison of overall outflow mass flow averaged axial velocity ?̅?𝒂𝒙𝒊𝒂𝒍 for 
nozzles 8, 9, 11 when 𝐏𝐢𝐧 = 925 kPa, 𝐓𝐢𝐧 = 36.0 ℃, 𝐏𝐨𝐮𝐭 = 680 kPa. 
Nozzle # 8 9 11 
V̅axial (VS = 0) 19.6 m s
-1 17.0 m s-1 21.0 m s-1 
V̅axial (VS = 1) 23.4 m s
-1 18.9 m s-1 23.7 m s-1 
Velocity increase 
percentage 
19.4% 11.2% 12.9% 
 
The application of inlet vortex is most beneficial to nozzle 8 in terms of the improvement to 
nozzle outflow velocity. Although higher vapor qualities (Figure 6.8) and lower fluid densities 
can be achieved at nozzle 9 outlet with longer divergent part length, the mass flow averaged 
axial velocities at the outlet of nozzle 9 are lower than those of nozzle 8. This is mainly due to 
the larger outlet area as well as the larger frictional losses in the nozzle (larger contact area 
between the fluid and the nozzle wall). When VS = 1, nozzle isentropic efficiency is reduced 
from 60.2% to 39.3% when divergent part length is doubled from 20.0 mm to 40.0 mm. Under 
the same conditions, nozzle 11 with smaller divergent angle has larger outflow axial velocities 
due to the smaller nozzle outlet area despite that the nozzle mass flow rates are smaller.  
6.4.5 Influence of Inlet Vortex on Interphase Mass Transfer 
In this section, the reason why more vapor can be generated in the divergent part of the nozzle 
after the introduction of inlet vortex will be explained by the insights provided by the simulation. 
Figure 6.11 shows the radial distribution of interphase mass transfer rate, liquid superheat, and 
interfacial area density at different axial locations in the divergent part of nozzle 8 when Pin = 
925 kPa, Tin = 36.0 ℃, Pout = 615 kPa with VS = 0 and 1, respectively. Figures 6.11(a)(b)(c) 
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correspond to locations 1, 2, 3 at 0.6 mm, 6.9 mm, 13.9 mm downstream of the nozzle throat, 
respectively (Figure 6.12). Interphase mass transfer rate (mass transfer between two phases per 
unit volume) can be expressed as a function of heat transfer coefficient between liquid and two-
phase interface h̅l, liquid superheat Tl − Tsat, interfacial area density (interfacial area per unit 
volume) aint, saturated vapor specific enthalpy hsat,v, and liquid specific enthalpy hl, as shown 
in Equation 6.12 (thermal phase change model). Radial changes of h̅l and hsat,v − hl  are less 
dramatic compared with those of liquid superheat and interfacial area density. 










Figure 6.11: Radial distributions of interphase mass transfer rate, liquid superheat, and 
interfacial area density at (a) 0.6 mm (b) 6.9 mm (c) 13.9 mm downstream of the throat. 
 
Figure 6.12: Locations 1, 2, 3 at which radial distributions of interphase mass transfer rate, 
liquid superheat, and interfacial area density are presented in Figure 6.11. 
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Near the center of the nozzle flow, at both locations 2 and 3, the interphase mass transfer rate 
when VS = 1 is significantly higher than VS = 0. This is because the interphase mass transfer 
rate is dominated by interfacial area density in this region (Figures 6.11(b)(c)). When VS = 1, 
vapor bubbles are driven towards the nozzle center and thus the interfacial area density in the 
nozzle center region becomes much higher than VS = 0. At location 1 which is immediately 
downstream of the nozzle throat, vapor bubbles generated near the throat do not have sufficient 
time to migrate to the flow center and vapor generation is suppressed due to the high pressure 
and small liquid superheat. Near the nozzle wall, the interfacial area density when VS = 1 is 
lower than VS = 0 due to the fact that vapor bubbles are driven away from the wall by the 
applied vortex. Due to the cooling effect of phase change, liquid temperature is reduced. There is 
significant drop of liquid superheat near the nozzle wall, especially for the case VS = 0, since 
bubbles are nucleated at the wall. With VS = 0, the majority of bubbles stay near the nozzle wall 
and the bubble growth depletes the liquid superheat. Therefore, liquid superheat near the nozzle 
wall when VS = 0 is much lower than that with VS = 1. The combined effect of the differences 
in interfacial area density and liquid superheat near the nozzle wall for VS = 0 and 1 is that near 
the nozzle throat (locations 1 and 2), the interphase mass transfer rate with VS = 0 is higher than 
that with VS = 1 due to the higher interfacial area density; near the nozzle outlet (location 3), 
however, the interphase mass transfer rate is lower with VS = 0 than that with VS = 1 due to the 
significantly lower liquid superheat. Overall, the applied vortex has reduced the interphase mass 
transfer rate near the nozzle throat but significantly increased the interphase mass transfer 
downstream of location 2 with more uniform interfacial area density and better utilization of 
liquid superheat at the nozzle center for evaporation. Therefore, vapor generation in the 
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divergent part has been increased by the introduction of inlet vortex, thus pressure drop across 
the divergent part is also increased and flow control is achieved. 
6.5 Chapter Summary and Conclusions 
In this chapter, 3D CFD simulations of initially subcooled vortex flashing flows in convergent-
divergent nozzles using ANSYS CFX have been conducted. The simulation results have been 
validated by comparison with the experimental results using the same nozzle geometries and test 
conditions. Good agreement was found between the pressure profiles and mass flow rates 
obtained by simulation and by experiment. The largest mass flow rate deviation is within ±5% 
of the mass flow rate by experiment. The following conclusions can be made based on the 
simulation results: 
1. The void fraction contour shows that there is negligible vapor content upstream of the throat 
even though the pressure is already below saturation pressure. Flashing starts near the nozzle 
throat, which is related to the pressure undershoot at the throat. When there is no vortex applied, 
void fraction at the nozzle center remains low. Due to the much lower density of vapor compared 
to the liquid, when vortex is applied vapor bubbles are driven towards the nozzle center. 
2. The pressure drop across the divergent part of the nozzle has been increased due to the vortex. 
This is caused by increased vapor generation after the application of inlet vortex. With elevated 
pressure at the throat and constant inlet conditions, the pressure difference across the nozzle 
convergent part decreases and therefore the nozzle mass flow rate is reduced. 
3. After the introduction of inlet vortex, the nozzle outflow vapor quality is much closer to the 
thermodynamic equilibrium vapor qualities. Near the nozzle throat, vapor quality for the case 
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with VS = 1 is lower than that of the case with VS = 0. This is mainly due to the elevated 
pressure and reduced liquid superheat such that initial vapor generation is suppressed. 
4. When inlet vortex is applied, there is still vortex motion downstream of the throat, which 
provides the major driving force for the migration of vapor bubbles from the nozzle wall to the 
center. The non-zero azimuthal velocity after applying inlet vortex will result in the increase of 
expansion angle of the nozzle outflow. 
5. By the introduction of vortex, the nozzle outflow velocity and the isentropic efficiency of the 
nozzle can be significantly increased, which could be beneficial to ejector performance when the 
vortex nozzle is used in ejectors. Higher outflow velocity is mainly achieved by increased vapor 
generation. 
6. The applied vortex significantly increased the interphase mass transfer near the nozzle outlet 
with more uniform interfacial area density and better utilization of liquid superheat at the nozzle 
center for evaporation. Therefore, vapor generation in the divergent part has been increased, 




CHAPTER 7: INFLUENCE OF VORTEX CONTROL ON EJECTOR AND CYCLE 
PERFORMANCE 
 
In this chapter, vortex control has been applied to an ejector for the adjustment of motive nozzle 
restrictiveness. The influence of adjustable motive inlet vortex strength on the total work 
recovery efficiency of vortex ejectors has been experimentally investigated using R744 as the 
working fluid. Ejectors with different geometric parameters have been tested. The efficiency 
achieved by vortex control was compared with those of the other motive flow control methods, 
more specifically series expansion valve control and needle control, for similar level of control. 
Vortex control was also implemented for transcritical R744 ejector cooling cycle performance 
optimization and the results were also compared with the other motive flow control methods. 
7.1 Experimental Apparatus and Procedures for R744 Ejector Tests 
Figure 7.1 shows the schematic of the R744 experimental facility used for investigation of the 
influence of different motive nozzle restrictiveness control methods on ejector and cycle 
performance. The cycle is a standard ejector cooling cycle using ejector with adjustable motive 
nozzle restrictiveness. Two closed-loop wind tunnels housed the evaporator and gas cooler. 
Variable-speed blowers and electric heaters were used to control air flow rate and inlet 
temperature to the gas cooler and evaporator. An additional heat exchanger with chilled water 
flowing through was included in the gas cooler wind tunnel to reject heat from the wind tunnel. 
The evaporator and gas cooler used in the facility were both cross-counterflow microchannel 
heat exchangers. The geometric dimensions of the evaporator and gas cooler can be found in 
Table B.1, while the overall heat exchanger areas of the evaporator and gas cooler can be found 




Figure 7.1: Schematic of the R744 experimental facility. 
A fixed displacement, reciprocating, transcritical R744 compressor with nominal speed of 1800 
min-1 was used. A variable frequency drive was used to control compressor speed. The 
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compressor has an internal oil separator. The compressor manufacturer specifies OCR to be 
0.6%. Daphne Hermetic Oil (ND8), which is a PAG type lubricating oil, was filled into the 
system. A microchannel-plate, counterflow heat exchanger was used as the internal heat 
exchanger (IHX). An electronic metering valve was installed downstream of the liquid-vapor 
separator in order to control evaporator flow rate. Oil was returned to the compressor by means 
of a bypass line from the liquid outlet of the separator to the vapor outlet (compressor suction 
line). A metering valve was included in the oil return line. In this study, the oil return line 
metering valve opening remained fixed at 1 turn open, which corresponds to flow coefficient 
(𝐶𝑣) of 0.05 USGPM according to the valve manufacturer. With the formula for equating the 
orifice diameter to the flow coefficient 
𝐃𝐨𝐫𝐢𝐟𝐢𝐜𝐞 = 𝟎. 𝟎𝟎𝟒𝟔𝟓√𝐂𝐯/√𝐂𝐝   (7.1) 
where D is in meters, 𝐶𝑣 is in USGPM, and 𝐶𝑑 is discharge coefficient commonly assumed to be 
0.61 for orifice plate with thin sharp edge, this opening was equivalent to 1.33 mm diameter 
orifice. 
For tests of ejector with vortex control, ejector with two motive inlets (axial and tangential inlets) 
and a vortex generation chamber upstream of the motive nozzle was used as the expansion 
device. Figure B.4 presents the drawing of the vortex generator. As shown in Figure B.4, the 
tangential inlet inner diameter and the vortex generation chamber inner diameter were 2.0 mm 
and 15.0 mm, respectively. The distance between the tangential inlet and the chamber centerline 
was 6.5 mm. By injecting the working fluid through the tangential inlet into the vortex 
generation chamber, the vortex could be generated before the fluid enters the motive nozzle. Two 
balancing valves were installed at the two inlets. Mass flow rates through the two inlets could be 
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adjusted with the two valves and therefore motive inlet vortex strength could be adjusted. In this 
chapter, the vortex strength is still defined as the ratio of the nozzle tangential inlet mass flow 
rate to the total mass flow rate, as shown in Equation 4.1. When the tangential inlet valve was 
fully closed and the axial inlet valve opening was varied for flow control, this was equivalent to 
an ejector controlled with an upstream expansion valve mounted in series. For tests of ejector 
with needle control, a variable ejector with adjustable needle in the motive nozzle was used as 
the expansion device. The ejector used in the experiment has a modular design such that different 
motive nozzles and mixing chambers can be easily combined and tested. Table 7.1 shows the 
important internal dimensions of the tested R744 ejectors, and Figure 7.2 shows a drawing of the 
modular R744 ejector with important dimensions specified in Table 7.1.  
Table 7.1: Important internal dimensions of the tested R744 ejectors (shown with 
corresponding letters in Figure 7.2). 
 
 Ejector # 






































1.32 mm 1.32 mm 1.45 mm 1.22 mm 1.33 mm 
f Suction 
nozzle length 















Figure 7.2: Drawing of the R744 ejector with important dimensions specified in Table 7.1. 
During the tests for the influence of motive flow control on ejector total work recovery 
efficiency, the IHX high-side outlet temperature and total motive mass flow rate as well as the 
suction inlet temperature, pressure and mass flow rate remained fixed. For tests of vortex ejector, 
the mass flow rate through the tangential inlet of vortex generator was varied so that vortex 
strength was adjusted and, as a result, different IHX high-side outlet pressures and diffuser outlet 
pressures were obtained. Maximum vortex strength (VS = 1) was achieved with axial inlet valve 
fully closed and tangential inlet valve fully open. For tests of ejector controlled with an upstream 
expansion valve mounted in series, the valve at the tangential inlet was fully closed and the 
opening of the valve at the axial inlet was adjusted to achieve different IHX high-side outlet 
pressures and diffuser outlet pressures for comparison. Pressure downstream of the axial inlet 
valve was also measured, which is the actual ejector motive inlet pressure. Pressure difference 
between the IHX high-side outlet and motive inlet was caused by the throttling process in the 
valve for ejector controlled with an upstream expansion valve mounted in series or flow 
acceleration through the tangential inlet with relatively small inner diameter (2.0 mm) for vortex 
controlled ejector. For tests of ejector with adjustable needle, the motive nozzle needle position 
was adjusted manually. Data are collected at steady-state conditions at 6 second intervals for 10 
consecutive minutes, and the data are averaged over the collection period.   
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The uncertainties of calculated properties associated with instrumental uncertainties of measured 
properties are calculated by uncertainty propagation as shown in Equation 4.3. The uncertainties 
of the sensors used in the experimental facility are presented in Table B.3. The uncertainties of 
calculated parameters are summarized in Table 7.2. 
Table 7.2: Uncertainties of calculated parameters. 
Parameter Uncertainty 
COP ±4.8% 
Qevap (kW) ±4.8% 
ƞejec (-) ±0.015 
Plift,ejec (kPa) ±16 
ϕm (-) ±0.002 
VS (-) ±0.003 
 
7.2 R744 Ejector Tests Results and Discussion 
7.2.1 Comparison of the Influence of Different Motive Flow Control Mechanisms on Ejector 
Performance 
Table 7.3 shows the ejector 1 test conditions for comparison of vortex control and series 
expansion valve control. The conditions were obtained by operating the system with no motive 
flow control applied to ejector 1 when evaporator air-side inlet temperature and air flow rate 
were 27.0 ºC and 275 L s-1, respectively, gas cooler air-side inlet temperature and air flow rate 












Motive flow rate 
(g s-1) 
Suction flow 
rate (g s-1) 
31.9 3802 7.4 43.1 22.8 
Figure 7.3 shows the variation of ejector 1 pressure lift and total work recovery efficiency 
(Equation 2.4) with IHX high-side outlet pressure for series expansion valve control and vortex 
control. When there was no control, the IHX high-side outlet pressure at the conditions presented 
in Table 7.3 was 8736 kPa. After the application of series expansion valve control and vortex 
control, the IHX high-side outlet pressure increases at constant motive flow rate and IHX high-
side outlet temperature. When VS = 1, an increase of 1161 kPa for the IHX high-side outlet 
pressure can be achieved. For similar level of high side pressure control, ejector 1 with vortex 
control provides slightly less pressure lift and total work recovery efficiency than series 
expansion valve control. For 1349 kPa increase in IHX high-side outlet pressure, total work 
recovery efficiency of ejector 1 with series expansion valve control drops from 0.272 to 0.205. 
As a comparison, for 1161 kPa increase in IHX high-side outlet pressure, total work recovery 








Figure 7.3: Variation of ejector 1 (a) pressure lift (b) total work recovery efficiency with 
IHX high-side outlet pressure. 
Figure 7.4 displays the variation of ejector motive inlet pressure with IHX high-side outlet 
pressure for series expansion valve control and vortex control. Figure 7.5 presents the variation 
of ejector efficiency (Equation 2.3) and ejector motive inlet temperature with IHX high-side 
outlet pressure when series expansion valve control is used. It can be observed that for series 
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expansion valve control, flow modulation is achieved by throttling in the valve. To achieve 
higher IHX high-side outlet pressure at constant motive flow rate and IHX high-side outlet 
temperature, both motive inlet pressure (Figure 7.4a) and temperature (Figure 7.5) drop. When 
the IHX outlet pressure is 10.1 MPa, the throttling pressure loss in the series expansion valve is 
as high as 1891 kPa (Figure 7.4b). Without considering the expansion loss from the series 
expansion valve, the ejector efficiency calculated using Equation 2.3 remains close to 0.272 as 
the IHX high-side outlet pressure increases by 1349 kPa. It can be concluded that the loss in total 
work recovery efficiency when series expansion valve control is used is mainly caused by the 
expansion loss in the series expansion valve. For vortex control, relatively smaller pressure loss 
has been incurred between the IHX outlet and the ejector motive inlet, as flow modulation is 
mainly achieved by the increase of vapor generation in the nozzle after the application of vortex. 
Therefore, with vortex control, much less pressure loss takes place outside the ejector for the 
same level of control. However, as indicated by Figure 7.3, more losses have been incurred 
inside the ejector with vortex control such that the total work recovery efficiency is still slightly 








Figure 7.4: Variation of (a) motive inlet pressure (b) pressure drop through the control 
valve/tangential inlet with IHX high-side outlet pressure. 
 
Figure 7.5: Variation of ejector efficiency and ejector motive inlet temperature with IHX 
high-side outlet pressure when series expansion valve control is used. 
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Ejector 2 was obtained by replacing the mixing chamber of ejector 1 by one with longer suction 
nozzle length (11 mm). Table 7.4 shows the ejector 2 test conditions for comparison of vortex 
control and series expansion valve control. 











rate (g s-1) 
Suction flow 
rate (g s-1) 
32.3 3734 10.6 41.3 20.8 
Figure 7.6 shows the variation of ejector 2 pressure lift and total work recovery efficiency with 
IHX high-side outlet pressure for series expansion valve control and vortex control. For similar 
level of high side pressure control, ejector 2 with vortex control provides significantly less 
pressure lift and total work recovery efficiency than series expansion valve control. For 1055 kPa 
increase in IHX high-side outlet pressure, total work recovery efficiency of ejector 2 with series 
expansion valve control drops from 0.242 to 0.200. As a comparison, for 1192 kPa increase in 
IHX high-side outlet pressure when VS increases from 0 to 1, total work recovery efficiency of 
ejector 2 with vortex control drops from 0.242 to 0.116. For ejector 1 under similar conditions 
when VS = 1, the total work recovery efficiency is 0.185. Deterioration of pressure lift and total 
work recovery efficiency of ejector 2 with vortex control is more severe than that of ejector 1. 
The increase of suction nozzle length does not have large impact on the performance of ejectors 
with series expansion valve control. However, it significantly impairs the performance of 
ejectors with vortex control. It was observed through flow visualization that the application of 
inlet vortex can increase the expansion angle (angle between boundary line of the outflow and 
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the centerline) of the two-phase nozzle outflow (Figure 5.20). When a vortex nozzle is used as 
the motive nozzle in an ejector, the increase of expansion angle might have impact on ejector 
performance (Zhu et al., 2017). The motive nozzle outflow induces a converging duct for the 
suction flow before the mixing of the two flows (Munday and Bagster, 1977). This duct acts as a 
converging nozzle such that the suction flow is accelerated. The increase of expansion angle 
might be helpful in promoting mixing. If the motive nozzle outflow expansion angle is too large, 
the motive flow and the suction flow can be obstructed at the mixing section entrance which 
reduces the entrainment performance (Figure 7.7). This might be the reason for the more severe 
deterioration of pressure lift and total work recovery efficiency of ejector 2 (11 mm suction 
nozzle length) with vortex control compared with ejector 1 (3 mm suction nozzle length). As the 
motive nozzle outflow expansion angle is increased by the applied vortex, reduction of suction 
nozzle length can help to avoid the obstruction of the motive flow and the suction flow at the 








Figure 7.6: Variation of ejector 2 (11 mm suction nozzle length) (a) pressure lift (b) total 


































































Figure 7.7: Increase of motive nozzle outflow expansion angle may result in obstruction of 
both motive and suction flows at the mixing section entrance. 
Ejector 3 was obtained by replacing the motive nozzle of ejector 1 by a nozzle with the same 
convergent part, throat diameter, divergent part angle, but longer divergent part length (20 mm). 
Table 7.5 shows the ejector 3 test conditions for comparison of vortex control and series 
expansion valve control. 











rate (g s-1) 
Suction flow 
rate (g s-1) 
32.0  3790  10.2 40.8 21.5 
Figure 7.8 shows the variation of ejector 3 pressure lift and total work recovery efficiency with 
IHX high-side outlet pressure for series expansion valve control and vortex control. For similar 
level of high side pressure control, the pressure lift and total work recovery efficiency provided 
by ejector 3 with vortex control are significantly smaller than series expansion valve control. For 
1238 kPa increase in IHX high-side outlet pressure, total work recovery efficiency of ejector 3 
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with series expansion valve control drops from 0.221 to 0.181. As a comparison, for 1237 kPa 
increase in IHX high-side outlet pressure when VS increases from 0 to 1, total work recovery 
efficiency of ejector 3 with vortex control drops from 0.221 to 0.116. By comparing the 
performance of ejectors 1 and 3, it can be observed that longer motive nozzle divergent part 
results in lower ejector work recovery efficiency. It might be due to that more frictional losses 
are incurred with longer divergent part (larger contact area between the fluid and the nozzle 
wall). Moreover, for similar motive flow rate, motive outflow speed could be lower for the 
nozzle with longer divergent part due to the larger nozzle outlet area. As a result, less kinetic 
energy can be transferred from the motive flow to the suction flow and therefore the ejector work 
recovery efficiency becomes lower. When inlet vortex is applied, it appears that more frictional 
losses are incurred in the motive nozzle than with no vortex when nozzle with longer divergent 
part is used. The efficiency differences between vortex control and series expansion valve 
control increase significantly when the motive nozzle divergent part is increased from 10 mm to 








Figure 7.8: Variation of ejector 3 (20 mm motive nozzle divergent part length) (a) pressure 
lift (b) total work recovery efficiency with IHX high-side outlet pressure. 
Ejector 4 was obtained by replacing the motive nozzle of ejector 1 by a nozzle with the same 
convergent part, throat diameter, divergent part angle, but shorter divergent part length (5 mm). 

































































ejector 4 for high-side pressure control. Table 7.6 shows the ejector 4 test conditions for 
comparison of different control methods. 











rate (g s-1) 
Suction flow 
rate (g s-1) 
32.0  3844  10.4 44.4 26.2 
Figure 7.9 shows the variation of ejector 4 pressure lift and total work recovery efficiency with 
IHX high-side outlet pressure for series expansion valve control, vortex control, and needle 
control. It is observed that for similar level of high side pressure control, the performance of 
ejector 4 with vortex control can be better than series expansion valve control and is close to 
needle control. For 1242 kPa increase in IHX high-side outlet pressure when VS increases from 
0 to 1, total work recovery efficiency of ejector 4 with vortex control drops from 0.297 to 0.234. 
As a comparison, for 1250 kPa increase in IHX high-side outlet pressure, total work recovery 
efficiency of ejector 4 with series expansion valve control drops to 0.220; for 1434 kPa increase 
in IHX high-side outlet pressure, total work recovery efficiency of ejector 4 with needle control 
drops to 0.241. The reduction of motive nozzle divergent part length from 10 mm (ejector 1) to 5 
mm (ejector 4) results in higher ejector work recovery efficiency. Moreover, shorter motive 
nozzle divergent part is more favorable for ejector with vortex control in terms of the ejector 
performance. These agree with the previous observation with ejectors 1 and 3 which also have 
different motive nozzle divergent part lengths. The divergent part of the nozzle allows the nozzle 
flow to flash, which is important in order to achieve high nozzle efficiency. It was found in 
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previous sections that the nozzle inlet vortex can help to increase vapor generation rate in the 
divergent part of the nozzle. This suggests that the divergent part of motive nozzle with inlet 






Figure 7.9: Variation of ejector 4 (5 mm motive nozzle divergent part length) (a) pressure 



































































Ejector 5 was obtained by replacing the motive nozzle of ejector 4 by a nozzle with the same 
convergent part, throat diameter, divergent part length, but larger divergent part angle (3.3° full 
angle). Table 7.7 shows the ejector 5 test conditions for comparison of vortex control and series 
expansion valve control. 











rate (g s-1) 
Suction flow 
rate (g s-1) 
31.6  3776  6.5 42.1 22.4 
Figure 7.10 shows the variation of ejector 5 pressure lift and total work recovery efficiency with 
IHX high-side outlet pressure for series expansion valve control and vortex control. For similar 
level of high side pressure control, the pressure lift and total work recovery efficiency provided 
by ejector 5 with vortex control are close to series expansion valve control. For 1713 kPa 
increase in IHX high-side outlet pressure, total work recovery efficiency of ejector 5 with series 
expansion valve control drops from 0.236 to 0.150. As a comparison, for 1511 kPa increase in 
IHX high-side outlet pressure when VS increases from 0 to 1, total work recovery efficiency of 
ejector 5 with vortex control drops from 0.236 to 0.157. By comparing the performance of 
ejectors 4 and 5, it can be observed that the increase of motive nozzle divergent part angle results 
in decrease of ejector work recovery efficiency. This might be due to the increased motive nozzle 
outlet area, thus lower motive outflow speed and less kinetic energy that can be transferred from 







Figure 7.10: Variation of ejector 5 (3.3° full divergent part angle) (a) pressure lift (b) total 
work recovery efficiency with IHX high-side outlet pressure. 
The ejector can be simulated using the zero-dimensional, constant-pressure mixing model of 
Kornhauser (1990). This model performs mass, momentum, and energy balances on the 
individual ejector components and requires the assumption of the isentropic efficiency of the 

































































conditions based on the ejector inlet conditions. An ejector mixing section pressure, which is 
assumed to be constant through the mixing section, also needs to be assumed. The motive nozzle, 
suction nozzle, and diffuser isentropic efficiencies are defined as shown in Equations 7.2 through 
7.5, respectively. Pmn,out and Psn,out are assumed to be equal to the mixing section pressure Pms. 
















  (7.4) 
Pdiff,out = 𝑃(𝑠𝑑𝑖𝑓𝑓,𝑖𝑛, ℎ𝑑𝑖𝑓𝑓,𝑜𝑢𝑡
′ )  (7.5) 
(ṁmn + ṁsn)𝑉𝑑𝑖𝑓𝑓,𝑖𝑛 = ṁmn𝑉𝑚𝑛,𝑜𝑢𝑡 + ṁsn𝑉𝑠𝑛,𝑜𝑢𝑡  (7.6) 
Using this model, with the motive and suction inlet conditions and diffuser outlet pressure, 
assumed mixing section pressure Pms , assumed suction nozzle and diffuser isentropic 
efficiencies, the motive and suction flow rates as the inputs, the variation of motive nozzle 
efficiency with different nozzle divergent part lengths, nozzle divergent part angles, and vortex 
strengths can be estimated. For ejectors 1, 3, 4, 5, the suction nozzle, mixing section and diffuser 
designs are the same. For these ejectors, the suction nozzle and diffuser efficiencies are assumed 
to be 0.80 and 0.75, respectively, Pmn,out, Psn,out, and Pms are assumed to be 100 kPa below 
Psn,in, according to the recommendation by Lawrence and Elbel (2015). Figure 7.11 shows the 
145 
 
variation of estimated motive nozzle efficiencies of ejector 1, 3, 4, 5 with motive inlet vortex 
strength. 
 
Figure 7.11: Variation of estimated motive nozzle efficiencies of ejector 1, 3, 4, 5 with 
motive inlet vortex strength. 
It can be observed that the motive nozzle of ejector 4 with 5 mm long divergent part and 1.6° full 
divergent angle provides the highest nozzle efficiency and least reduction in nozzle efficiency 
when the vortex is applied. When VS = 0, ejector 4 motive nozzle efficiency is 0.71 and it 
decreases to 0.60 when VS increases to 1. Longer nozzle divergent part results in lower nozzle 
efficiency and more reduction in nozzle efficiency after the application of vortex. For ejector 3 
with 20 mm long divergent part, as VS increases from 0 to 1, motive nozzle efficiency decreases 
from 0.57 to 0.34. Larger nozzle divergent part angle also leads to lower nozzle efficiency. For 
ejector 5 with 5 mm long divergent part and 3.3° full divergent angle, as VS increases from 0 to 
1, motive nozzle efficiency decreases from 0.61 to 0.44.   
As shown in previous chapters, the application of inlet vortex to the motive nozzle of ejector can 





































nozzle and ejector efficiencies. Meanwhile, it might also increase frictional losses in the motive 
nozzle, mixing section, and diffuser, which have negative effect on nozzle and ejector 
efficiencies. For transcritical R744 ejectors, the ratio of vapor density to liquid density in the 
nozzle flow is significantly higher than that of low pressure subcritical refrigerants under similar 
operating conditions. For example, at saturation temperature of 25 °C, the density ratio of 
saturated vapor to saturated liquid for R744 is 0.341 while that of R134a is 0.027. The 
improvement to nozzle outflow velocity brought by the increased vapor generation due to the 
applied vortex becomes smaller with higher density ratio of vapor to liquid. Moreover, the inlet 
of R744 ejector motive nozzle is in supercritical state. As shown in Chapter 4, larger nozzle inlet 
subcooling is not favorable for vortex control. For the regions in the nozzle flow where local 
pressure is above saturation pressure, the applied vortex can not help to increase vapor 
generation but only result in additional frictional losses due to the relative motion between the 
flow and the nozzle wall in the tangential direction. Therefore, nozzle inlet states closer to the 
two-phase region are preferred when vortex control is applied, which is not the case for 
transcritical R744 ejector. Due to the above reasons, the improvement to nozzle efficiency by the 
applied vortex which was shown in previous sections when R134a was used as the working fluid 
is not seen in the current section with R744.  
7.2.2 Comparison of the Influence of Different Motive Flow Control Mechanisms on 
Transcritical R744 Ejector Cycle Performance 
As shown in the previous section, ejector 4 provides the highest work recovery efficiency and is 
most favorable for vortex control in terms of ejector performance. Therefore, ejector 4 was used 
in the experimental investigation of the influence of different motive flow control mechanisms 
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(vortex control, series expansion valve control, needle control) on transcritical R744 ejector 
cycle performance.  
The transcritical R744 ejector cycle was first tested under the following conditions: the gas 
cooler and evaporator air inlet temperatures were fixed at 35.0 °C and 27.0 °C, respectively; the 
gas cooler and evaporator air flow rates were 500 L s-1 and 275 L s-1, respectively. The 
compressor speed was fixed at 1494 min-1. The opening of the electronic metering valve at the 
evaporator inlet was fixed at 45%. Figures 7.12 and 7.13 present the system capacities and 
COPs, respectively, as a function of high-side pressure using different motive flow control 
mechanisms.   
 
Figure 7.12: Comparison of capacity with series expansion valve control, needle control 



























Figure 7.13: Comparison of COP with series expansion valve control, needle control and 
vortex control when gas cooler and evaporator air inlet temperatures are 35.0 °C and 
27.0 °C, respectively. 
It is observed that vortex control can be used to improve system performance by adjusting the 
high-side pressure of the transcritical ejector cycle. As VS increases from 0 to 1, the capacity is 
increased by 3.2% and the COP is increased by 0.7%. System performance optimization can also 
be achieved with needle control and series expansion valve control. Needle control provides the 
best system performance among the three motive flow control mechanisms. With needle control, 
highest COP equal to 1.64 is achieved at high-side pressure of 9138 kPa with capacity of 5.5 kW. 
For vortex control, VS = 1 has been reached before the COP decreases. Within the high-side 
pressure control range of the vortex control, system performance with vortex control is better 
than with series expansion valve control and is close to that with needle control. The highest 
high-side pressure achieved with vortex control is 9032 kPa, which is 231 kPa higher than that of 
VS = 0. It appears that the high-side pressure control range is significantly smaller than what is 
achieved in previous sections. This is due to that during the system performance tests both 


















flow rate decreases from 44.1 g s-1 to 39.5 g s-1 and the IHX high-side outlet temperature 
decreases from 33.3 ºC to 29.6 ºC. In previous ejector tests, the motive flow rate and the IHX 
high-side outlet temperature of the ejector are fixed. The optimal capacity and COP with vortex 
control are 2.3% and 0.2% lower than the optimal performance with needle control. It should be 
noted that the changes and differences in capacity and COP of the three motive flow control 
mechanisms are small considering the ±4.8% uncertainty of capacity and COP.      
The ejector cycle was also tested under off-design conditions: the gas cooler and evaporator air 
inlet temperatures were fixed at 45.0 °C and 17.0 °C, respectively; the gas cooler and evaporator 
air flow rates were 500 L s-1 and 275 L s-1, respectively. The compressor speed was fixed at 1494 
min-1. The opening of the electronic expansion valve at the evaporator inlet was fixed at 45%. 
Figures 7.14 and 7.15 present the system capacities and COPs, respectively, as a function of 
high-side pressure using different motive flow control mechanisms under the above conditions.   
 
Figure 7.14: Comparison of capacity with series expansion valve control, needle control 































Figure 7.15: Comparison of COP with series expansion valve control, needle control and 
vortex control when gas cooler and evaporator air inlet temperatures are 45.0 °C and 
17.0 °C, respectively. 
More system performance improvement can be achieved by high-side pressure control under off-
design conditions. With vortex control, as VS increases from 0 to 1, the capacity is increased 
from 3.2 kW to 3.6 kW by 11.0% and the COP is increased from 0.94 to 1.02 by 8.1%. VS = 1 
has been reached before the COP decreases. Similarly, needle control provides the best system 
performance among the three motive flow control mechanism. With needle control, highest COP 
equal to 1.06 is achieved at high-side pressure of 10079 kPa with capacity of 3.8 kW. The 
highest high-side pressure achieved with vortex control is 9892 kPa, which is 394 kPa higher 
than that of VS = 0. When VS increases from 0 to 1, the motive flow rate decreases from 42.3 g 
s-1 to 36.6 g s-1 and the IHX high-side outlet temperature decreases from 38.7 ºC to 37.4 ºC. The 
optimal capacity and COP with vortex control are 5.0% and 4.0% lower than the optimal 
performance with needle control. The performance differences between the motive flow control 



















expansion work available for recovery has been increased with increased high-side pressure and 
decreased low-side pressure. 
7.3 Chapter Summary and Conclusions 
In this chapter, the influence of vortex control on transcritical R744 ejector and cycle 
performance has been experimentally investigated. Vortex control was applied to ejectors with 
different geometric parameters. The performance of ejector and ejector cycle with vortex control 
was compared with those of the other motive flow control methods (series expansion valve 
control and needle control). The following results were obtained: 
1. With the ejector design most suitable to be used with vortex control among all the tested 
designs, for similar level of high side pressure control, the performance of ejector with vortex 
control can be better than series expansion valve control and is close to needle control. It should 
be noted that the most favorable ejector design for vortex control is also the ejector design that 
provides the best ejector performance when no control is applied.  
2. The decrease of suction nozzle length does not have large impact on the performance of 
ejectors with series expansion valve control. However, it significantly improves the performance 
of ejectors with vortex control. The application of inlet vortex can increase the expansion angle 
of the two-phase nozzle outflow. When a vortex nozzle is used as the motive nozzle in an 
ejector, the increase of expansion angle might result in the obstruction of the motive flow and the 
suction flow at the mixing section entrance which reduces the entrainment performance. 
Reduction of suction nozzle length can help to avoid the obstruction. When there is no flow 
obstruction, the increase of expansion angle might be helpful in promoting mixing. 
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3. Shorter motive nozzle divergent part results in higher ejector work recovery efficiency. Less 
frictional losses are incurred with shorter divergent part (smaller contact area between the fluid 
and the nozzle wall). Moreover, for similar motive flow rate, motive outflow speed could be 
higher for the nozzle with shorter divergent part due to the smaller nozzle outlet area. As a result, 
more kinetic energy can be transferred from the motive flow to the suction flow and therefore the 
ejector work recovery efficiency becomes higher. When inlet vortex is applied, it appears that 
more frictional losses are incurred in the motive nozzle than with no vortex when nozzle with 
longer divergent part is used. Shorter motive nozzle divergent part is more favorable for ejector 
with vortex control in terms of the work recovery efficiency. The divergent part of the nozzle 
allows the nozzle flow to flash, which is important in order to achieve high nozzle efficiency. 
The nozzle inlet vortex can help to increase vapor generation rate in the divergent part of the 
nozzle. This suggests that the divergent part of motive nozzle with inlet vortex can be shortened, 
which has the potential to reduce the frictional losses in the divergent part. 
4. The decrease of motive nozzle divergent part angle results in increase of ejector work recovery 
efficiency. This might be due to the decreased motive nozzle outlet area, thus higher motive 
outflow speed and more kinetic energy that can be transferred from the motive flow to the 
suction flow.  
5. Vortex control can be used to improve system performance by adjusting the high-side pressure 
of the transcritical ejector cycle. Under off-design conditions, system capacity and COP can be 
improved by 11.0% and 8.1%, respectively, by applying vortex control. Maximum inlet vortex 
strength is reached before the COP decreases. The high-side pressure control range by vortex 
control is smaller than needed to reach system performance optimization when using needle 
control and series expansion valve control. Within the control range of vortex control, the system 
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performance using vortex control can be better than that of series expansion valve control and is 




CHAPTER 8: SUMMARY, CONCLUSIONS, AND RECOMMENDED FUTURE WORK 
 
8.1 Summary of Research and Findings 
This dissertation has presented an experimental and numerical investigation into the vortex 
control of two-phase refrigerant flow in nozzles and its application in ejector vapor compression 
cycles. Vortex control is a novel two-phase convergent-divergent nozzle restrictiveness control 
mechanism proposed by the author which achieves flow control by adjustable nozzle inlet vortex 
strength. There are limited results of the vortex control effect on flashing flows and little 
understanding of the vortex control working principles in previous research. There are also no 
published experimental results of the application of variable motive inlet vortex to two-phase 
ejector and ejector cycle. Therefore, this dissertation has been devoted to providing an 
investigation of these areas. 
Several transparent nozzles with controllable vortex at the nozzle inlet have been manufactured 
and tested using R134a as the working fluid for the characterization of vortex control effect. 
Videos and pictures of the two-phase flow in the nozzle were captured using a high-speed 
camera. It has been shown that the strength of the nozzle inlet vortex can change the 
restrictiveness of the two-phase nozzle without changing the nozzle geometry. The nozzle 
becomes more restrictive as the strength of the vortex increases. The divergent part of a 
convergent-divergent nozzle contributes to the choking of initially subcooled flashing flow. With 
0.3 mm long nozzle divergent part, the inlet vortex strength does not affect the total mass flow 
rate through the nozzle. Vortex control is sensitive to nozzle divergent part length variation when 
the divergent part is short. For the same convergent part, throat diameter and divergent angle, the 
longer the divergent part of the nozzle, the larger the vortex control range. Therefore, the 
155 
 
divergent part of a nozzle seems to be crucial in the choking behavior and vortex control of 
initially subcooled flashing flow. Maximum vortex control range has been observed to be 42% of 
maximum choked total mass flow rate, which appears to be large enough to be suitable for 
numerous technical applications. Vortex control range is reduced with increasing nozzle inlet 
subcooling. When there is only single-phase liquid throughout the convergent-divergent nozzle, 
vortex control does not work effectively when no vapor core is formed. Visualization results 
show that when the nozzle outlet pressure is sufficiently low, the initially subcooled flow 
becomes bubbly immediately after the nozzle throat while remains single-phase in the upstream 
of the throat. Flashing in the divergent part seems to be delayed due to the introduction of vortex. 
The inlet vortex increases the restrictiveness of the divergent part and thus results in higher 
nozzle throat pressure. With reduced liquid superheat at the throat, initial vapor generation rate in 
the divergent part near the throat is suppressed. 
In order to obtain more insights into the vortex flashing nozzle flows, measurements of static 
pressure profiles of vortex flashing R134a flows expanded through convergent-divergent nozzles 
under various conditions have been conducted. A 1D model for the estimation of vapor qualities 
in the initially subcooled flashing nozzle flow based on the measurement results was also 
developed. After the introduction of an inlet vortex to the initially subcooled flashing nozzle 
flow, the pressure drop across the divergent part has been increased. As observed by flow 
visualization, the fluid is single-phase liquid in the convergent part of the nozzle. For constant 
inlet and outlet conditions, with elevated pressure at the nozzle throat after the inlet vortex is 
applied, the nozzle convergent part pressure difference is reduced and the nozzle mass flow rate 
decreases. To drive the same mass flow rate with inlet vortex applied, a higher inlet pressure is 
required. When the inlet vortex is applied to flashing nozzle flow with two-phase at the inlet, the 
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differences of the pressure profile and the nozzle mass flow rate between the cases VS = 0 and 1 
are small, while for initially subcooled flashing flow the differences are much more significant. It 
appears that the vortex control effect is achieved by controlling the degree of thermodynamic 
non-equilibrium of the fluid. For the cases with two-phase at the inlet, due to the availability of 
large vapor-liquid interfacial area throughout the expansion in both convergent and divergent 
parts of the nozzle, the fluid is believed to be close to the thermodynamic equilibrium. Therefore, 
in that case, the application of inlet vortex does not effectively increase vapor generation in the 
nozzle flow due to the small difference between local vapor quality and thermodynamic 
equilibrium vapor quality. Consequently, the vortex control effect on nozzle pressure profile and 
mass flow rate is not significant. When the inlet vortex is applied to single-phase liquid nozzle 
flow, the nozzle restrictiveness on single-phase liquid and the pressure profiles under similar 
conditions do not change significantly. Moreover, in the divergent part of the nozzle, pressure 
rises from the throat to the outlet as the flow area increases and the liquid velocity decreases. 
Using the 1D model, it was shown that for initially subcooled flashing nozzle flow under the 
same inlet and outlet conditions, the applied vortex helps to generate more vapor in the divergent 
part and makes the outflow much closer to thermodynamic equilibrium. This is why pressure 
drop across the divergent part has been increased with the vortex. Near the nozzle throat the 
estimated vapor qualities for the case with VS = 1 can be lower than those of the case with VS = 
0. This is due to the elevated pressure and reduced liquid superheat such that initial vapor 
generation is suppressed. By the introduction of vortex, the nozzle outflow velocity and the 
isentropic efficiency of the nozzle can be significantly increased, which could be beneficial to 
ejector performance when the vortex nozzle is used in ejectors. Higher outflow velocity is 
mainly achieved by reduced thermodynamic non-equilibrium and increased vapor generation. 
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The nozzle divergent part length needs to be appropriately sized in order to achieve sufficient 
vortex control range, high nozzle outflow velocity and high nozzle isentropic efficiency. If the 
length is too short, the time for vapor generation in the nozzle is insufficient and the 
thermodynamic non-equilibrium in the outflow is still at a high level. If the length is too long, 
the outflow velocity becomes low due to the large nozzle outlet area and the large frictional 
losses. Small divergent angles result in large pressure drop across the divergent part due to small 
flow area. Nozzles with smaller divergent angle might have smaller vortex control range because 
of the suppressed vapor generation and pressure drop near the throat when VS = 1. Under the 
same conditions as nozzle divergent angle decreases, nozzle outlet average axial velocity 
increases due to the reduced nozzle outlet area. Choosing the appropriate nozzle divergent angle 
is essential for vortex nozzle used in ejectors such that satisfactory vortex control range and high 
ejector performance can be achieved. The application of inlet vortex has increased the expansion 
angle of the nozzle outflow due to the non-zero tangential velocity of the nozzle outflow. When a 
vortex nozzle is used as the motive nozzle in an ejector, the increase of expansion angle might 
result in obstruction of motive flow and suction flow at the mixing section entrance and could 
have negative impact on ejector performance, which needs to be considered during the design of 
the ejector. 
3D CFD simulations of initially subcooled vortex flashing R134a flows in convergent-divergent 
nozzles using ANSYS CFX have been conducted. The simulation results have been validated by 
comparison with the experimental results using the same nozzle geometries and test conditions. 
Good agreement was found between the pressure profiles and mass flow rates obtained by 
simulation and by experiment. The largest mass flow rate deviation is within ±5% of the mass 
flow rate by experiment. The void fraction contour shows that there is negligible vapor content 
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upstream of the throat even though the pressure is already below saturation pressure. Flashing 
starts near the nozzle throat, which is related to the pressure undershoot at the throat. When there 
is no vortex applied, void fraction at the nozzle center remains low. Due to the much lower 
density of vapor compared to the liquid, when vortex is applied, vapor bubbles are driven 
towards the nozzle center. The pressure drop across the divergent part of the nozzle has been 
increased due to the vortex. This is caused by increased vapor generation. After the introduction 
of inlet vortex, the nozzle outflow vapor quality is much closer to the thermodynamic 
equilibrium vapor qualities. When inlet vortex is applied, there is still vortex motion downstream 
of the throat, which provides the major driving force for the migration of vapor bubbles from the 
nozzle wall to the center. The non-zero azimuthal velocity after applying inlet vortex will result 
in the increase of expansion angle of the nozzle outflow. By the introduction of vortex, the 
nozzle outflow velocity and the isentropic efficiency of the nozzle can be significantly increased, 
which could be beneficial to ejector performance when the vortex nozzle is used in ejectors. The 
applied vortex significantly increased the interphase mass transfer near the nozzle outlet with 
more uniform interfacial area density and better utilization of liquid superheat at the nozzle 
center for evaporation. Therefore, vapor generation in the divergent part has been increased, 
pressure drop across the divergent part is also increased and flow control is achieved. 
The influence of vortex control on transcritical R744 ejector and cycle performance has been 
experimentally investigated. Vortex control was applied to ejectors with different geometric 
parameters. The performance of ejector and ejector cycle with vortex control was compared with 
those of the other motive flow control methods (series expansion valve control and needle 
control). With the ejector design most suitable to be used with vortex control among all the 
tested designs, for similar level of high side pressure control, the performance of ejector with 
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vortex control can be better than series expansion valve control and is close to needle control. It 
should be noted that the most favorable ejector design for vortex control is also the ejector design 
that provides the best ejector performance when no control is applied. The decrease of suction 
nozzle length does not have large impact on the performance of ejectors with series expansion 
valve control. However, it significantly improves the performance of ejectors with vortex 
control. The application of inlet vortex can increase the expansion angle of the two-phase nozzle 
outflow. When a vortex nozzle is used as the motive nozzle in an ejector, the increase of 
expansion angle might result in the obstruction of the motive flow and the suction flow at the 
mixing section entrance which reduces the entrainment performance. Reduction of suction 
nozzle length can help to avoid the obstruction. When there is no flow obstruction, the increase 
of expansion angle might be helpful in promoting mixing. Shorter motive nozzle divergent part 
results in higher ejector work recovery efficiency. Less frictional losses are incurred with shorter 
divergent part (smaller contact area between the fluid and the nozzle wall). Moreover, for similar 
motive flow rate, motive outflow speed could be higher for the nozzle with shorter divergent part 
due to the smaller nozzle outlet area. As a result, more kinetic energy can be transferred from the 
motive flow to the suction flow and therefore the ejector work recovery efficiency becomes 
higher. When inlet vortex is applied, it appears that more frictional losses are incurred in the 
motive nozzle than with no vortex when nozzle with longer divergent part is used. Shorter 
motive nozzle divergent part is more favorable for ejector with vortex control in terms of the 
work recovery efficiency. The decrease of motive nozzle divergent part angle results in increase 
of ejector work recovery efficiency. This might be due to the decreased motive nozzle outlet 
area, thus higher motive outflow speed and more kinetic energy that can be transferred from the 
motive flow to the suction flow. Vortex control can be used to improve system performance by 
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adjusting the high-side pressure of the transcritical ejector cycle. Under off-design conditions, 
system capacity and COP can be improved by 11.0% and 8.1%, respectively, by applying vortex 
control. Maximum inlet vortex strength is reached before the COP decreases. The high-side 
pressure control range by vortex control is smaller than needed to reach system performance 
optimization when using needle control and series expansion valve control. Within the control 
range of vortex control, the system performance using vortex control can be better than that of 
series expansion valve control and is close to that of needle control.   
The application of inlet vortex to the motive nozzle of ejector can help to reduce the 
thermodynamic non-equilibrium in the nozzle flow, which is beneficial for nozzle and ejector 
efficiencies. Meanwhile, it might also increase frictional losses in the motive nozzle, mixing 
section, and diffuser, which have negative effect on nozzle and ejector efficiencies. For 
transcritical R744 ejectors, the ratio of vapor density to liquid density in the nozzle flow is 
significantly higher than that of low pressure subcritical refrigerants under similar operating 
conditions. The improvement to nozzle outflow velocity brought by the increased vapor 
generation due to the applied vortex becomes smaller with higher density ratio of vapor to liquid. 
Moreover, the inlet of R744 ejector motive nozzle is in supercritical state. For the regions in the 
nozzle flow where local pressure is above saturation pressure, the applied vortex cannot help to 
increase vapor generation but only result in additional frictional losses due to the relative motion 
between the flow and the nozzle wall in the tangential direction. Therefore, nozzle inlet states 
closer to the two-phase region are preferred when vortex control is applied, which is not the case 
for transcritical R744 ejector. Due to the above reasons, the improvement to nozzle efficiency by 
the applied vortex when R134a was used as the working fluid is not seen to the same extent with 
R744.   
161 
 
8.2 Recommended Future Work 
It is recommended that future work in the field of applying vortex control to transcritical R744 
ejector cycles could focus on low-temperature operating conditions. That way R744 could 
remain subcritical, the density ratio of vapor to liquid becomes low, the ejector motive nozzle 
inlet state is close to the two-phase region, and the performance of ejector and ejector cycle with 
vortex control can potentially be superior to that with needle control and series expansion valve 
control. Ejector cycles using low-pressure refrigerants such as R134a should continue to be 
explored. The potential of ejector cycles with these refrigerants is currently far from being fully 
achieved. One of the major reasons is the large thermodynamic non-equilibrium in the motive 
nozzle flow. This problem can be addressed by methods such as applying nozzle inlet vortex. 
Experimental investigation of the influence of vortex control on ejector cycle performance using 
low-pressure refrigerants should be conducted in order to see the combined cycle performance 
improvement by both motive flow control and increase of ejector efficiency. Vortex nozzle and 
vortex ejector designs should continue to be optimized in order to achieve larger vortex control 
range as well as better nozzle and ejector efficiencies. 
In addition to applying vortex control to ejector, opportunities are also seen in its application to 
expansion devices without work recovery. Vortex control is less vulnerable to clogging since the 
flow control is achieved without changing the flow area. This has potential to be incorporated 
into the design of expansion valve for better robustness. It can also possibly lead to alternative 
self-regulating expansion valve designs as less expensive refrigerant flow control solutions.  
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APPENDIX B: DETAILS OF R744 EXPERIMENTAL FACILITY 
 
A picture of the R744 experimental facility can be seen in Figure B.1. 
 
Figure B.1: R744 experimental facility. 
A fixed displacement, reciprocating, transcritical R744 compressor with nominal speed of 1800 
min-1 was used in the R744 experimental facility. A picture of the compressor can be seen in 
Figure B.2. A variable frequency drive was used to control compressor speed. Input power to the 
variable frequency drive was measured with a power transducer; losses in the variable frequency 
drive were not accounted for when measuring compressor power. The compressor has an internal 
oil separator. It is claimed in the compressor manual that the compressor has an OCR of 0.6%. 
400 ml of Daphne Hermetic Oil (ND8) was filled into the system as recommended by the 




Figure B.2: Fixed displacement, reciprocating compressor used in R744 experimental 
facility. 
The evaporator and gas cooler used in the R744 experimental facility were both microchannel 
heat exchangers. The geometric dimensions of the evaporator and gas cooler can be found in 
Table B.1, while the overall heat exchanger areas of the evaporator and gas cooler can be found 




Table B.1: Geometric dimensions of microchannel evaporator and microchannel gas cooler 
used in R744 experimental facility. 
 Evaporator Gas cooler 
Height 202 mm 490 mm 
Width 302 mm 402 mm 
Number of microchannel tubes per pass 36 41 
Number of refrigerant-side passes 4 4 
Microchannel tube pitch 8.2 mm 9.7 mm 
Microchannel tube port hydraulic diameter 0.81 mm 0.89 mm 
Number of ports per microchannel tube 6 4 
Length of microchannel tube per pass 177.8 mm 460.4 mm 
Microchannel tube thickness 1.7 mm 1.7 mm 
Microchannel tube depth 7.9 mm 6.4 mm 
Louver angle 27° 27° 
Louver pitch 1.3 mm 1.2mm 
Number of louver sets per fin 2 4 
Fin pitch 1.4 mm 1.4 mm 
Length of microchannel tube surface with fins 169.1 mm 460.4 mm 
Fin thickness 0.1 mm 0.1 mm 
Fin depth 43.8 mm 35 mm 





Table B.2: Overall heat exchanger areas of microchannel evaporator and microchannel gas 
cooler used in R744 experimental facility. 
 Evaporator Gas cooler 
Total air-side heat transfer area 3.067 m2 8.798 m2 
Face area (air-side) 0.061 m2 0.197 m2 
Total refrigerant-side heat transfer area 0.391 m2 0.844 m2 
Refrigerant-side cross-sectional area 111.3 mm2 102.0 mm2 
 
A picture of the vortex ejector assembly used in the R744 experimental facility can be seen in 
Figure B.3. The vortex ejector is composed of a vortex generator, a motive nozzle, a mixing 
section, and a diffuser. The drawing of the vortex generator is shown in Figure B.4. Vortex is 
created by injecting part of the motive flow tangentially into the vortex generator through the 
motive tangential inlet.  
 




Figure B.4: Drawing of the vortex generator. 
The experimental uncertainty of the sensors used in the R744 experimental facility can be seen in 




Table B.3: Summary of uncertainties of air and refrigerant-side sensors used in R744 
experimental facility. 
Sensor Range Units Uncertainty 
Air-side sensors 
Type-T thermocouples -200 to 220 ºC ±0.5 absolute 
Differential pressure transducer 
(evap. to amb. and cond. to amb.) 
0 to 3738 Pa ±0.14% full scale 
Differential pressure transducer 
(cond. nozzle and evap.) 
-1246 to 1246 Pa ±0.25% full scale 
Differential pressure transducer 
(evap. nozzle) 
0 to 1246 Pa ±0.25% full scale 
Differential pressure transducer 
(cond.) 
0 to 623 Pa ±0.25% full scale 
Differential pressure transducer 
(cond. nozzle to amb.) 
0 to 7475 Pa ±0.14% full scale 
Capacitive relative humidity sensor 0.2 to 100 % ±1 % absolute 
Refrigerant-side sensors 
Type-T thermocouples -200 to 220 ºC ±0.5 absolute 
Absolute pressure transducer 
(cond. inlet and outlet and comp. 
outlet) 
20684 kPa ±0.13% full scale 
Absolute pressure transducer (comp. 
inlet) 




Table B.3 (cont.) 
Absolute pressure transducer (evap. 
outlet) 
6895 kPa ±0.13% full scale 
Absolute pressure transducer (ejector 
diffuser outlet) 
13790 kPa ±0.1% full scale 
Absolute pressure transducer (ejector 
nozzle inlet) 
20684 kPa ±0.5% full scale 
Differential pressure transducer 
(evap.) 
-552 to 552 kPa ±0.25% full scale 
Coriolis-type mass flow meter 0 to 333 g s-1 ±0.2% reading 
Power transducer 0 to 5600 W ±0.2% reading 
 
